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Abstract 

This thesis presents a study of wear mechanisms for total hip replacements (THRs) 

utilizing both the finite element method (FEM) and laboratory experiment. The hip 

prosthesis studied consists of an ultra-high molecular weight polyethylene (UHMWPE) 

acetabular cup articulating against a cobalt-chromium (CoCr) alloy femoral head. 

According to the geometrical scale, the FEM models developed can be divided into two 

categories, the first deals with a macro-scale whilst the second treats a micro-scale 

(asperity) geometry model. 

The macro-scale FEM model aims to analyse various aspects of the prosthesis, for 

instance, bulk material, surface stress and temperature rise under variable conditions of 

elastic modulus, friction coefficient, sliding speed and radial clearance. In this analysis, 

apart from the CoCr alloy head, an alumina femoral head model is also included in the 

FEM analysis. The results obtained from the model are useful in understanding the 

operating conditions and the causes of wear within THRs. 

The micro-scale FEM model investigates the effect of sliding friction on the size ofthe 

yielding region in the UHMWPE asperity in contact with metal (CoCr alloy). This FEM 

model developed aims at gaining an understanding of wear particle generation 

mechanisms from a two-dimensional (2D) perspective. In terms of wear particle 

generation prediction based on the micro-scale FEM model, two different methods are 

proposed. The first method deals with assessing strain discontinuities whilst and the 

second with the heat flux discontinuities accumulations in the UHMWPE region during 

sliding contact operation against a counterface CoCr alloy asperity. 
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To assess the influence of the parameters of interest, a number of loading conditions 

with two different friction coefficients of 0.07 and 0.2 were used within the FEM 

simulations. Material, mechanical and thermal responses due to sliding contact (von 

Mises equivalent stresses, equivalent plastic strains and heat flux fields) within the 

proposed FE model, reveal that the increase ofthe yielding region as well as in the heat 

flux density in the softer UHMWPE asperity is strongly influenced by the value of 

friction coefficient, the rise in the tangential force and the thermal conductivity of 

materials. 

This study suggests that the generated heat flux intensity strongly correlates with the 

plastic strain magnitude. As a result the prediction of crack initiation and crack 

propagation paths can be examined based on either the accumulated plastic strain or 

heat flux discontinuities. 

The location and shape of yielding regions underneath the contacting surface of the 

softer asperity during the sliding contact operation could correlate to location in which 

material failure (of the softer asperity) could take place, and subsequently the particle 

size or shape. The dimension of a wear particle estimated from the FEM analysis using 

an asperity contact model with a friction coefficient of p ="0.2, (representing dry sliding 

contact) were in good agreement with wear particle characteristics obtained from the 

hip simulator experiments under a dry sliding contact condition. Therefore, similar 

correlation might be expected between wear particle morphology (size and shape) 

predicted by the FEM model with lower friction coefficient, for example of// =0.07, 

and morphology of wear particle generated during the laboratory experiments under 

lubricated sliding conditions. 
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In conclusion, the results obtained from the model presented in this thesis are useful in 

understanding the operating conditions and the causes of wear in the THR. The results 

obtained from this study can lead to the development of an accurate FEM particle 

generation model that would be of use in the assessment of an artificial implant 

performance and in the development of artificial implants. 
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CHAPTER I 

Introduction 

1.1 Background 

Hip joints are subject to high forces generated via repetitive contacts that 

support the central body mass. Although the hip joints generally serve their purposes 

very well, various disorders may cause a great deal of pain, loss of mobility and 

function [1]. It is recognized that the most widespread disorder of the knee and hip 

joints is osteoarthritis [1, 2], a degenerative "wear and tear" process that in many cases 

has the potential to damage articular cartilage, causing extreme pain [3]. Before the 

advent of total joint replacement, patients who had end-stage arthritis had greatly 

decreased functional capacity [4]. Therefore, surgery is required to relieve the pain and 

retain joint mobility. Recently, prosthetic joint replacement has dramatically improved 

the lives of millions of people worldwide. However, as the fixation of total joint 

implants has become more reliable and durable, and as the technology of total joint 

replacement has been applied to younger and more active patients, the current 

limitations of total joint arthroplasty are related to the wear ofthe components [5, 6]. 

1.2 Wear in total hip joint prosthesis 

Wear is the process of progressive removal of material, in the form of wear 

particles, as a result of the relative motion between two opposing surfaces under an 

operating load [7]. It was thought that there are many factors related to prosthesis 

design and surgical implantation that potentially affect the propensity for wear. The 

severity of wear in hip joint implants has been identified to be affected by the femoral 
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head size [8], surface topography of femoral head [9], the head-to-neck ratio [10], 

component position and orientation [11], neck taper [12], femoral offset [13, 14], and 

acetabular lip geometry [15]. In addition, the contact and continuous sliding motion 

between implant parts generate small wear particles, which may shorten the lifespan of 

the prosthesis [13]. The presence of wear particles affects the surrounding tissue and 

causes a condition known as osteolysis [16-18]. As a result, the implant may become 

loose, ultimately causing total implant failure [18]. In order to improve the lifespan of 

these prostheses, an understanding of the wear mechanisms must be reached through a 

characterization and analysis of these wear particles. Beside the geometrical aspects, the 

material properties of the implant components, including the selection of materials for 

the articulating pair, i.e. ceramic-on-ceramic, ceramic-on-ultra high molecular weight 

polyethylene (UHMWPE), metal-on-metal, etc., and the effects of lubrication in human 

body, need to be addressed. 

1.3 Modelling of wear mechanisms in total hip replacement 

(THR) 

Over the years, various approaches to numerical modelling of total hip 

replacement (THR) have been proposed [19-24]. However, numerical models 

developed so far are still far from accurately simulating the true conditions operating in 

artificial joints. It is postulated that the sliding motion and stresses introduced by 

friction between articulating surfaces are crucial to understanding the wear mechanisms 

in artificial joints, and must be incorporated in the numerical finite element method 

(FEM) model proposed. This could lead to a better joint design for reduction in wear. 

Therefore, to aid the prediction of wear particle generation in THRs, a computational 

model of micro-scale contacts (asperity contacts) has been developed in this work. 
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The F E M model proposed allows sliding of finite amplitude, arbitrary rotation, and 

asperity deformation. It is anticipated that the various friction coefficients will also be 

included in the model. This complexity is crucial for realistic modelling ofthe operating 

conditions within an artificial joint and, consequently, of wear mechanisms. 

Commercial FEM packages ABAQUS (version 6.2 - 6.3, HKS Inc. U.S) and ANSYS 

("ANSYS" Inc. version 8.0) have been used to develop pre-process, and analyse both 

the acetabular cup and femoral head components. 

1.4 Limitations of the FEM model for wear analysis 

The predictions obtained using the FEM model developed in this work are limited by 

assumptions and certain simplifications of the geometry, boundary conditions and 

materials' parameters used (physical and mechanical). The material models available in 

the finite element package used in this study were not able to fully simulate the real 

materials behaviour. For example, the UHMWPE creep phenomena, which often 

influence the rate of polyethylene deformation, as suggested by various authors [25, 

26], were not taken into account. There were also major limitations to the approach used 

for the analysis of the wear particles generated using a hip wear simulator rig 

developed. 
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1.5 Objective of the thesis 

The primary objectives of this thesis are: 

• To develop a computational FEM model simulating the articulating contact between 

the femoral head and the acetabular cup in total hip replacement (THR); 

• To investigate the influence of the operating and materials conditions (load, 

coefficient of friction, material pair) on the accumulated von Mises stress and 

plastic strain distribution at the articulating interface of THR; 

• To find a relationship between the operating conditions and wear in THR; 

• To predict temperature generation in the articulating femoral head and acetabular 

cup bearing surfaces using the thermo-coupled displacement analysis; 

• To predict wear particle generation mechanisms of the softer UHMWPE acetabular 

cup due to loaded sliding contact against the harder CoCr alloy femoral head; 

• To conduct experimental tests generating wear particles using a simplified hip joint 

(wear) simulator developed; 

• To validate computational model of particle generation by comparing the simulated 

results with the experimental results. 
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1.6 Thesis Overview 

Chapter 1 presents briefly the concepts of wear and wear mechanisms in total 

hip replacements (THRs). It introduces the FEM modelling of the loaded contacts in 

THRs and also discussed the associated limitations. Additionally, Chapter 1 summarizes 

the objectives and presents a brief overview of this thesis (Figure 1.1). 

Chapter 1: 
Introduction 

Chapter 2: 
Literature Review 

Chapter 3: 
Experimental Details 

Chapter 4: 
Results and Discussion 

Chapter 5: 
Conclusion 

Bibliography 

Appendix: 
A. Paper I: Temperature prediction in a finite element model for sliding contact 

analysis of total hip joint prosthesis 
B. Paper II: Computational model of asperity contact for the prediction of U H M W P E 

mechanical and wear behaviour in total hip joint replacements 
C. Paper III: Modelling of asperity contact in total joint prostheses - Heat effects and 

wear behaviour of U H M W P E 

Figure 1.1: Schematic depiction ofthe outline of this thesis 
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Chapter 2 examines a relevant review of published works on T H R F E M modelling, 

including design assumptions and materials used, and their effects on friction, 

temperature rise and wear reduction. Chapter 3 presents the experimental details 

including laboratory work (surface roughness measurements and wear tests) and 

application of a finite element method (FEM) model (analysis of the ball-cup pair used 

in the hip simulator, sliding contact of THRs and asperity contact) for analysis of THR 

contact. Further, Chapter 4 presents results and discussion of all works disclosed in 

Chapter 3. Finally, Chapter 5 reviews the thesis content and examines suggestions for 

future works. At the end of the thesis, three papers produced during the candidature are 

also included in the thesis appendix. Paper I has been published whilst two other papers, 

i.e. Paper II have been submitted and Paper III will be submitted for publication. 
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CHAPTER 2 

Literature Review 

2.1 OVERVIEW 

The finite element method (FEM) has been used for many years as a numerical 

technique to solve engineering problems related to stress and strain analysis of static or 

dynamic loaded contacts. The technique incorporates the principles of Newtonian 

mechanics to model and animate realistic behaviour of such contacts [27, 28]. Analysis 

using the FEM is a useful way to investigate the effects of changing parameters such as 

load, velocity, contact geometry, material properties, etc, on the stress-strain behaviour 

of loaded surfaces. This technique was introduced to orthopaedic biomechanics in 1972 

to evaluate stresses in a human bone [29]. Since then, it has been utilized with 

increasing frequency in the biomedical engineering context, such as for modelling and 

analysis of articulating systems in human total hip replacements (THRs) [20-22, 30]. 

The following contact interfaces in THRs, illustrated in Figure 2.1, have been analysed 

using the FEM: (i) pelvic bone and the acetabular cup interface (with or without metal 

backing); (ii) acetabular cup and the femoral head interface; (iii) femoral head and the 

femoral neck interface; and (iv) stem (cemented or uncemented) and femoral bone 

interface. The majority of published works on FEM modelling in THRs are related to 

the analysis of stresses and strains [19, 31-35], thermal effects [36-40] and wear 

(volume, depth and particle generation) [22, 38, 41, 42]. A modified Archard's law [43] 

has been used in many FEM models as a basis of numerical wear simulation in THRs 

[44]. The idealized classical Archard relationship applies to the interaction between two 

uniformly loaded surfaces with nominal contact stresses in the linearly elastic regime 
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[43]. According to the modified law the wear volume is proportional to the product of 

contact load and sliding distance, and the proportionality constant is called the wear 

coefficient (or specific wear rate). The aim of the present chapter is to review current 

F E M models used to investigate wear phenomena in several contact interfaces present 

in THRs. Particular attention is given to modelling of the acetabular cup/femoral head 

interface. 

> D 

Figure 2.1: Schematic diagram of a T H R showing locations of interacting surfaces: (A) pelvic bone 

- acetabular cup; (B) acetabular cup- femoral head; (C) femoral head - femoral neck; 

(D) stem - bone. 

The literature review is divided into several sections: (2.1) introduction; (2.2) 

description of a T H R design with emphasis on the design effects on wear and friction 

reduction; (2.3) analysis ofthe articulating contact in a T H R ; (2.4) F E M modelling used 

for predicting wear ofthe T H R articulating surfaces; (2.5) modelling of a micro-contact 



between single asperities on the T H R articulating surfaces. The chapter finishes with 

some concluding remarks. 

2.2 DESIGN OF THRs 

Since the first clinical use of UHMWPE acetabular cups in 1962, significant 

innovations in the design of THRs have been reported in the literature [44-46]. The aim 

ofthe design modifications, involving implant geometry (component sizes, conformity, 

clearance), materials combinations and implant orientation, was mainly to reduce wear 

and friction, hence prolonging the life of a THR [10, 32, 38, 44, 47, 48]. Several 

material combinations for articulating contacts such as metal-on-UHMWPE (linear and 

cross-linked), ceramic-on-UHMWPE, metal-on-metal, ceramic-on-ceramic and metal-

on-ceramic, in various geometrical designs, have been evaluated. Among these material 

combinations, currently the metal-on-UHMWPE pair is used in the majority of 

implanted THRs [49]. 

Numerical analyses performed by Robinson et al. [50], Rice and Moslehy [51], 

Mazzucco and Spector [52], and Teoh et al. [35] suggest that the levels of contact stress 

and wear coefficients in THRs are mainly influenced by the mechanical design 

variables, such as implant materials, implant geometrical dimensions related to the 

contact area (femoral head size, radial clearance and UHMWPE liner geometry) and 

implant orientation. 
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2.2.1 Implant Materials 

Material properties significantly influence the stress and strain distribution in 

THR components. Due to the complexity of interaction between the time-dependent 

creep behaviour (especially relevant to UHMWPE) and estimated wear, many 

numerical studies simply assume time-independent material properties. In some 

published studies, the assumption is made that the materials are homogeneous and 

linear elastic [41, 53], or elastic-perfectly plastic [35]. In such models the material 

behaviour is characterized by two material constants of Young's modulus and Poisson's 

ratio. Some other numerical simulations include creep in their models for estimating 

wear in articulating surfaces of THRs [53]. In their computational model Lee et al. [54] 

detected a significant role of creep due to compressive deformation, resulting in a 

reduction in the initial wear of UHMWPE. 

The following materials have been used in various numerical studies into wear of the 

articulating surfaces (femoral head and acetabular cup) of THRs: UHMWPE (acetabular 

cup), cobalt-chromium and titanium alloys, stainless steel and alumina (femoral head). 

Mechanical and thermal properties of these materials, as used in the models, are 

summarized in Table 2.1 and Table 2.2. No additional information about material 

composition, microstructure or heat treatment is usually included in the relevant 

references. It is considered that as long as these parameters have little (or insignificant) 

effect on the mechanical properties (and therefore on simulation results), these 

parameters are not taken into account in wear modelling [55]. In the published FEM 

models related to THRs, materials used in simulations differ from each other by 

mechanical properties (Young's modulus, Poisson's ratio and creep), and thermal 

properties (thermal conductivity, thermal expansion, and heat capacity). 
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Table 2.1: Mechanical and thermal properties of various acetabular cup implant materials 
used in F E M models. 

Acetabular cup 

Material 

UHMWPE 

Plastic 

Mechanical Properties 

E(MPa) 

ET (a) =634.92 -12.31o 

-3.61c"2+0.199c3 

-0.00283c-4 

800 
900 
974 
985 

1000 

1400 

350;700;1400; 2800 

V 

0.45 

0.47 
-

0.46 
0.40 

0.39 

0.40 

N/S 

0.30 

Thermal 
Properties 

k 

N/S 

-

-

-

0.5 

-

-

-

0.33 

-

N/S 

a 

-

-

-

-

9.0x10-' 

-

-

-

-

13.5 xlO"5 

-

-

References 

Pedersenet al.[56] 
Nadzadi et al. [57] 

W u et al. [42] 
Phillips [58] 
Kurtz et al. [59, 60] 
Hu et al. [40] 
Senapati and Pal 

r6n 
Jin et al. [62, 63] 
Mak et al. [64] 
Davidson et al. [38] 
Bergmann et al. 
[37] 
Suhendra and 
Stachowiak [36] 
Maxian etal. [41, 
53] 
Bartel et al. [32] 

Note: E-Young's modulus (MPa); o -Poisson's ratio; ̂ -thermal conductivity (W/m.K); 
a -coefficient of thermal expansion (1/°C); E T -tangent modulus; c-von Mises 
stress (MPa). N/S: Not specified by the author(s) 
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Table 2.2: Mechanical and thermal properties of various femoral head implant materials used in 
F E M models. 

Femoral head 

Material 

Alumina 

Ceramics 

CoCr alloy 

Metal 
Stainless 
Steel 

Ti alloy 

Mechanical 
Properties 

E(lxl0j 

M P a ) 
380 
N/S 
413 
400 
370 
-

196 
200 
208 

210 

200 
190 

100 
N/S 

O 

0.26 
N/S 
0.22 
N/S 
0.22 
-

N/S 
0.3 
0.3 
N/S 
0.3 
N/S 
0.305 

N/S 
N/S 

Thermal 
Properties 

k 

-

55 
20 
-

20 
47 
-

-

13 
-

-

-

-

-

7.2 

a 

-

N/S 
7.0 xlO-6 

-

9.0 x 10"6 

N/S 
-

-

5.8xl0-b 

-

-

-

-

-

N/S 

References 

M a k et al. [64] 
Davidson et al. [38] 
Suhendra and Stachowiak [36] 
El-Sheikh [65] 
H u et al. [40] 
Davidson etal. [38] 
El-Sheikh [65] 
Kurtz et al. [60] 
Suhendra and Stachowiak [36] 
Maxianetal. [41, 53] 
Udofia et al. [66] 
Phillips [58] 
W u et al. [42] 

El-Sheikh [65] 
Davidson et al. [38] 

Note: E-Young's modulus (MPa); v-Poisson's ratio; ^-thermal conductivity (W/m.K); 
a -coefficient of thermal expansion (1/°C). N/S: Not specified by the author(s). 

In the F E M model used in [34, 36], where two femoral head materials were investigated 

in the simulation (Co-Cr alloy and alumina), a small effect of material type (or 

properties) on the change of accumulated shear stress distribution and on the 

temperature rise at the cup surface for a short sliding duration (up to 50 minute sliding 

time) was found. The effect of material type on the temperature rise at the articulating 

surface is shown in Figure 2.2. 
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30.00 35.00 40.00 45.00 

Time (min) 
50.00 

Figure 2.2: Temperature rise vs sliding time at the U H M W P E cup surface for two different 

femoral head materials [34, 36]. 

Although different femoral head material types have been used in other F E M models 

referenced in Table 2.2, discussions on the effect of femoral head material on the FEM 

results are rarely included. On the other hand, laboratory test results often show that 

different materials used for femoral heads generate different amounts of wear on the 

UHMWPE acetabular cups [67]; Figure 2.3. 
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"1 "" 

E 

Stainless steel (fine lapped) Femoral head ( A ) 
Alumina Femoral head 

0 50 100 150 200 250 300 350 

Accumulative sliding distance {km) 

Figure 2.3: Wear volume vs. sliding distance of U H M W P E sliding on stainless steel and alumina 

counterfaces [67] 
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2.2.2 Implant Geometry 

2.2.2.1 Femoral Head Size 

It has been reported in the literature that the size of femoral heads in THRs 

has significant effects on the range of motion (ROM), stress accumulation, contact 

stress, wear and penetration depth of the acetabular cup. A non-linear relationship 

between the size of the femoral head and the ROM of the THR was reported in a study 

conducted by D'Lima et al. [68]. The effect of femoral head size on the magnitude and 

distribution of strain within the acetabular cup bearing surface has been reported by 

many authors, e.g. Chandler et al. [10] and Hosey et al [23]. Hoeltzel et al. [31] in a 

computational study reported that a femoral head size of 22 mm diameter (combined 

with a 49 mm unfinished outer diameter Charnley-type acetabular cup) produced the 

largest absolute strain; and that the peak strain values decreased to a minimum for the 

26 mm diameter femoral head and increased again for the sizes larger than 26 mm [31]. 

A study by Bartel et al. [33] suggested that under the same load, different sizes of a 

femoral head and, more importantly, different degrees of conformity between the 

femoral head and the acetabular cup can result in different stresses in the acetabular 

cup. Using FEM models, Bartel et al. [32] and Callaghan et al. [69] found that the size 

of a femoral head significantly affects the amount of contact stress within the hip joint 

implants. Their results have shown that larger femoral heads produce smaller contact 

stresses [32, 69]. However, as Callaghan et al. [69] also observed, the use of larger 

femoral head sizes results in more wear of acetabular cups than that found for smaller 

femoral heads. Wu et al. [42] in their computer simulation found that despite inducing a 

larger wear volume, large femoral heads may result in a smaller wear depth. It is 

therefore evident that the level of contact stress is not a good indicator ofthe severity of 

wear situation in a THR and the debate continues whether the load level is not a better 
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predictor of wear of U H M W P E cups or cup liners. Various computer simulation studies 

that used different femoral head sizes are listed in Table 2.3. The effects ofthe femoral 

head size are summarized for the relevant studies. 

Table 2.3: Femoral head radii of THRs used in various F E M analyses. 

Reference 

Bartel et al. [32] 

Bevill, et al. [55] 

Jin et al. [62, 63, 70] 

Liu etal. [71] 

Maxianetal. [41,53] 

Nadzadi et al. [57] 

Patil et al. [72] 
Pedersen et al. [56] 
Robinson et al. [50] 

Udofia et al. [66] 

Femoral Head 
Radius 

(mm) 

14.00 

11.00; 14.00; 
16.00; 18.00 

11.1125; 13.00; 
14.00; 16.00; 
17.44; 20.63 

14.00 

11.00; 14.00; 
16.00 

11.00; 14.00 

14.00 
11.00; 14.00 

14.00 

21.00; 25.00; 
29.00 

The effects of femoral head size 

Only one head size was used. 

"The predicted total linear penetration 
decreased with increasing head size and 
was weakly influenced by liner 
thickness." 
"An increase in the femoral head radius 
and the thickness the acetabular cup and a 
decrease in the radial clearance result in a 
decrease in the predicted maximum 
contact pressure." 
Only one head size was used 
Generally, the linear penetration wear rate 
seems independent ofthe head size. 
"However, the corresponding volumetric 
wear rates for the 14 and 16 m m femoral 
head radius were, respectively, 2 5 % and 
24 % , larger than that for the 11 m m 
head". 
"For 11 m m (radius) head size, the 
dependence of resisting moment on cup 
tilt and anteversion showed trends very 
similar to those for larger head size, but 
with the caveat ofthe 11 m m heads 
having smaller absolute peak resisting 
moment". 
One head size used. 
N o comment on the head size effect 
One head size used. 
Metal-on-metal resurfacing components 
were used in this study. "Reducing the 
acetabular cup-wall thickness and 
increasing the femoral-head radius were 
also found to significantly reduce the 
predicted contact-pressure distribution". 
However, results shown in this study 
suggested that "the stress shielding was 
less than that reported in the literature for 
conventional T H R s " 

(to be continued, see next page) 
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Table: (continue). 

Reference 

Teoh et al. [35] 

W u et al. [42] 

Femoral Head 
Radius 
(mm) 

15.05-15.545 

11.00; 12.00; 
13.00; 14.00; 

15.00 

The effects of femoral head size 

N o comment on the head size effect. 

The larger femoral head may induce a 
larger wear volume but gives a smaller i 
wear depth. Wear depth and volume loss 
are apparently nonlinearly related to the 
femoral head diameter. 

2.2.2.2 Radial Clearance 

FEM studies on the effects of radial (or diametral) clearance between the 

acetabular cup and femoral head surfaces on the contact stresses and wear have been 

performed by many investigators, e.g. Bartel et al. [32, 33], Farrar and Schmidt [73], 

Chan et al. [74], Teoh et al. [35], and Suhendra and Stachowiak [34, 36]. Bartel et al. 

[32] found that with a zero radial clearance (conforming surface) between the femoral 

head and the acetabular cup, the amount of contact stress produced is essentially 

influenced by the size of a femoral head [32]. Bartel et al. [32], Suhendra and 

Stachowiak [36] and Udofia et al. [66] showed a significant effect of radial clearance on 

the shear stress distribution along the cup liner. Furthermore, Teoh et al. [35] suggested 

that the clearance plays a significant role in the amount of wear generated. It was found 

that the larger contact area arising from a smaller clearance results in a lower maximum 

shear stress at the cup liner. When the radial clearance was greater than 0.25 mm or was 

close to zero, wear was quite severe [35]. In this study the lowest volumetric wear was 

found for clearances of 0.05 and 0.075 mm (Table 2.4) [35]. 
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Table 2.4: Effect of manufacturing clearance on wear for a 32 m m diameter hip prosthesis [35] 

Radial 
Clearance 
0.005 
0.025 
0.050 
0.075 
0.100 
0.150 
0.250 

Linear wear ( m m 

0.23 
0.11 
0.10 
0.12 
0.12 
0.22 
0.31 

yf1) Volumetric wear (mm 3 yr"1) 

122.27 
56.69 
56.68 
56.33 
56.89 
63.10 
114.72 

M a k et al. [64] in a 3D F E M model showed a significant effect of the micro-separation 

distance (or both radial clearance and the cup inclination angle) on the edge contact. It 

was found that the reduction in the micro-separation distance could significantly 

improve the longevity of THRs, particularly in designs that utilize hard-on-hard bearing 

surfaces (metal-on-metal or ceramic-on-ceramic) [64]. The effects of radial clearance 

on contact stresses and wear in THRs are summarized in Table 2.5. 

Table 2.5: Radial clearance of T H R s used in various F E M analyses. 

References 

Bartel et al. [32] 

Besong et al. [75] 

Bevill, et al. [55] 

Radial Clearance ( m m ) 

0.0-0.40 

0.03 

0.005-0.3 

The effects of radial clearance 

"...with zero radial clearance, the 
greatest contact stress is associated with 
the smallest ball and the least with the 
largest diameter ball". The increase in 
radial clearance leads to increase of 
contact stress. 
One radial clearance was used, "...the 
use of a taper connection between the 
cobalt- chrome insert and the titanium 
shell allows a relatively large radial | 
clearance between the femoral and the 
acetabular components, and yet the 
contact pressure is still kept relatively 
low". 
".. .volumetric wear decayed 
asymptotically with increasing head-
liner clearance" 
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Table: Continue 

References 

H u et al. [40] 

Jin et al. [62, 63] 

M a k et al. [64, 76] 

Robinson et al. [50] 

Suhendra and 
Stachowiak [34, 
36] 

Teoh et al. [35] 

Udofia et al. [66] 

Wang et al. [77] 

Radial Clearance (mm) 

0.05 

0.04; 0.0760; 0.0790; 
0.0885; 0.0980; 
0.1150; 0.1240; 

0.1745; 0.1820; 0.25 

0.02-0.08 

0.25 

0.01, 0.02, 0.05, 0.07, 
0.15,0.4. 

0.005 - 0.25 

0.15 

0.025-2.025 

Detail 

The change in radial clearance due to 
the thermal deformation resulted in the 
change of contact area. " The contact 
becomes more conforming and led to 
the increase in contact area, thus 
reducing the contact stress at the 
bearing surface" 
"An increase in the femoral head radius 
and the cup thickness and a decrease in 
the radial clearance result in a decrease 
in the predicted maximum contact 
pressure" 
The F E M model was used to simulate 
hard-on-hard bearing surfaces of THR. 
"The edge contact depends on the 
micro-separation distance, which in turn 
depends on both the radial clearance 
between the femoral head and 
acetabular cup and the cup inclination 
angle". The minimum of micro-
separation is important in ensuring the 
durability ofthe hard-on-hard bearing 
couples for THR. 
One radial clearance was used. 
"..the variation in radial clearance 
probably occurs when the ball wears 
into the cup". "As the ball wears into 
the cup, the clearance will decrease 
resulting in decrease contact stress". 
"The lower radial clearance gives rise 
to the contact pressure for the same load 
applied" 
"When the clearance was close to 0 
and >0.5 m m , severe wear occurred". 
"The best clearance range was between 
0.1 and 0.15mm where the average 
linear wear rate was 0.1 mm/yr and the 
volumetric wear was 55mm3/yr" 
One radial clearance was used. 
"For a given applied load, increasing 
the contact stress by increasing the 
ball/socket radial clearance decreased 
both the coefficient of friction and the 
wear rate" 
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2,2.2.3 Femoral H e a d - Neck Proportion 

The importance of head and neck geometry, and the head-neck ratio (the 

ratio of head diameter to neck diameter, or offset) has been highlighted in an initial 

study by Amstutz et al. [78] on the ROM in THRs FEM studies on interactions between 

femoral head-neck ratios and implant orientation in determining the ROM in THRs 

have been performed by several research groups, e.g. Wu et al. [42], Robinson et al. 

[50], Nadzadi et al. [57], Reed, et al. [79], Barbour et al. [80], Scifert et al. [81] and 

Bennett et al. [82]. It was postulated that the ROM prior to impingement ofthe femoral 

neck on the acetabular cup increases as the ratio of the head diameter to the neck 

diameter increases where the depth of a hemispherical acetabular liner is equal to the 

radius ofthe femoral head [23, 31, 83]. 

Variables of implant design, such as the femoral head-neck ratio [84] and the presence 

of a modular head with an extended sleeve [83, 85] have been affecting the ROM and 

stability of THRs. The femoral head-neck ratio is related to the selection of a femoral 

head size (assuming the same or constant femoral neck diameter size). As discussed 

previously in Section 2.2.2.1 the femoral head size has a significant effect on the ROM, 

stresses in the acetabular cup liner and subsequently the wear rate ofthe THR. 
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2.2.3 Implant Orientation 

A number of FEM studies have been designed to examine the hypothesis 

that implant orientation could affect the magnitude and direction of the UHMWPE cup 

wear [11, 68, 72, 86]. Inaccurate position ofthe acetabular cup relative to the femoral 

head was believed to impact significantly on wear, cup stability and loosening [11, 68, 

86]. The relationship between the relative positions of THR articulating components 

and wear has become one ofthe major topics of discussion within literature. Therefore, 

prosthetic component positioning (orientation of the acetabular cup relative to the 

femoral head) has gained a new attention in current studies employing computer-

assisted methods [11, 50, 68, 72, 87]. Figure 2.4 explains the concepts of abduction and 

anteversion used in describing the position of the acetabular cup with respect to the 

femoral head. 

Schmalzried et al. [11] have reported a significant correlation between the cup 

orientation (for acetabular abduction greater than 50°) and osteolysis. Robinson et al. 

[50] in a 3D FEM model examined the relationship between the position of the THR 

components, the ROM, and the contact area. It was shown in their study that the contact 

area varies with implant position and the largest areas are generated by positioning the 

acetabular cup horizontally (cup abduction 0°). Although this cup position will give a 

maximum contact area (less contact stress) and may reduce wear, it results in a limited 

ROM [50]. More recently, D'Lima et al [88] developed a computational model for 

determining the effects of the acetabular and femoral components positions on 

impingement and the ROM. It was concluded that, under appropriate combination of 

acetabular and femoral anteversion, a maximum overall ROM and stability with respect 

to the prosthetic impingement is obtained by selecting the acetabular abduction angles 

between 45 and 55° [88]. 
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Optimal prosthetic orientations are the ultimate outcome that studies in this area aim to 

accomplish. Barrack [89] in a computer-aided implant design and orientation study 

suggested the optimal cup position at 45° - 55° of abduction, with cup abduction angles 

less than 55° requiring 10° - 20° of both cup and stem anteversion. Another 

computational FEM study performed by Seki et al [90] recommended that the optimum 

prosthetic orientation is achieved when acetabular abduction ranges from 30 to 50°, 

acetabular anteversion from 10 to 30°, and femoral anteversion is of 10°. More recently, 

different combinations of component positions with use of a generic model 

incorporating different head sizes (range of head-neck ratios, 1.8 to 2.6), were 

performed in a computer simulation study conducted by D'Lima et al.[68]. Results 

suggest that acetabular abduction angles of less than 45° tend to decrease flexion and 

abduction. The study also points to the fact that acetabular abduction angles of less than 

45° can be countered by increasing acetabular or femoral anteversion, or both. 

Although high cup inclination (abduction) helps to increase the ROM, cup inclinations 

beyond 50° are not recommended either because of the increased risk of dislocation, 

higher stress on bearing surfaces or increased wear. Therefore, 50° has been deliberately 

selected as the upper limit of cup abduction [86]. The information provided by the FEM 

models described can help to determine the optimum prosthetic orientation with regard 

to the ROM, in order to provide the largest possible contact area (or smallest contact 

pressure) of the articulating surfaces in a specific patient. The optimum prosthetic 

orientation might be expected to result in less UHMWPE stress and a potential for 

reduction in UHMWPE wear [50, 68]. 
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Anteversion 

i—l 
•iH 

Figure 2.4: Illustration of the acetabular cup orientation with respect to the femoral head. 

Abduction angle is defined as the cup tilt from the horizontal and cup anteversion is 

obtained by rotating the component about the superior axis. (Adapted from Pederson 

et al. [56]) 

The concept of crossed shear proposed by Ramamurti et al. [91 ] implies that under 

unidirectional motion, the U H M W P E has higher wear resistance than that under 

multidirectional motion. Based on this concept, Bennett et al. [82] developed a 

computer simulation to study the movement loci of points on the femoral head in a 

THR. It was shown from this model that the orientation of the cup has a significant 

effect on the movement trajectories of points on the femoral head [82]. 
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2.3 CONTACT MECHANICS AND SLIDING FRICTION 

ANALYSIS 

Modelling of contact mechanics in THRs mainly aims at investigating the stress-

strain states at the contact interface, and predicting wear (wear volume or depth), as a 

function of implant geometry, material properties and loading conditions. The Hertz 

theorem has been used in many numerical analyses, such as those presented by Maxian 

et al. [53], Jin et al. [62, 70], Wang et al. [92] and Pietrabissa et al. [93], to estimate 

contact stresses at the interface and calculate the wear volume and wear depth. Bartel et 

al. [32] evaluated stresses using 3D FEM models of conformal hip implants. The 

models showed that the maximum principal stress was located on the surface, and that 

the maximum shear stress in the conformal hip implants was also located on the surface. 

Jin et al. [62] in a FEM model of contact mechanics observed that the magnitude and 

distribution of contact stresses between the articulating surfaces do not depend on the 

type ofthe femoral head material properties (metallic, coated or uncoated, or ceramic). 

A FEM analysis, conducted by Kurtz et al. [60], that examined the effect of different 

friction coefficients at the cup liner-backing shell interface, the thickness of the liner, 

and the load angle on the contact stresses at the articulating surfaces of the UHMWPE 

liners suggested that the liner thickness and cup orientation have significant effects on 

the magnitude ofthe resultant contact stresses. A set of FEM models have been used by 

Kurtz et al. [94] to investigate the effect of backing shell conformity and locking 

restraints on the contact stress at the articulating surface of an UHMWPE cup. It was 

observed in their study that the conformity of the backing shell influences the location 

of maximum contact stresses distributed at the cup surface [94]. Furthermore, the 

investigation of the contact mechanics of a metal-on-metal hip implant that uses a 

metallic inlay with an UHMWPE backing has been performed by Liu et al [95] in 

24 



another F E M study. All material properties were assumed to be linear elastic, and the 

interface between the CoCr alloy inlay and the polyethylene backing was folly bonded. 

The results showed that the presence of the UHMWPE backing has a significant effect 

on the magnitude and distribution of contact pressure (stresses) at the bearing surfaces 

[95]. It has also been shown that the use of prescribed displacement in FEM models 

provides better convergence as well as lower computing time compared to the 

application of forces. The study of [93] showed that the use of prescribed displacement 

in FEM models provides better convergence as well as lower computing time compared 

to the application offerees. 

A FEM study, carried out by Bergmann et al. [37], calculated the distribution of 

temperature within the implant and the surrounding tissue during walking. Results 

showed that the peak temperatures were at the interface ofthe femoral head - acetabular 

cup. However, there was no significant increase in the temperature within the femoral 

head [37]. It was observed that the temperature inside and surrounding the implant may 

depend on many contributing factors, such as the volume of the synovial fluid and the 

perfusion rate in the surrounding tissue [37]. The model was also used to investigate the 

effect of contact friction on the temperature generation in a THR. 

Another FEM model of Suhendra and Stachowiak [36] showed a significant influence 

of sliding friction between the head and cup during articulation on the rate of 

temperature increase. In a 2D FEM model, Hu et al. [40] reported that the frictional 

heating appeared to cause the UHMWPE cup to be more conforming, resulting in the 

reduction of contact stresses. Also, it was observed that there was a significant increase 

in temperature at the interface of the cup and the head. When a friction coefficient of 

0.001 was used in the model, peak temperature at the articulating surface increased 
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from 20°C to around 25°C after 88 seconds; after about 630 seconds the peak 

temperature of around 43°C was reached [40]. 

Investigations into the effect of sliding speed on wear and friction have been performed 

by many research groups. Barrett et al. [96] reported that the effect of sliding speed on 

wear and friction was mostly through its contribution to interfacial temperature. The 

effect of sliding speed on shear stress at the UHMWPE cup surface has also been 

investigated in a 2D FEM model [36]. However, it was observed that the stresses (shear 

stress and von Mises equivalent stress) along the UHMWPE acetabular cup do not 

change much with sliding speed [36]. On the other hand, in another work increasing 

sliding speed was found to increase the interfacial temperature [34], in agreement with 

the study carried out by Barrett et al. [96]. 
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2.4 WEAR OF THE ARTICULATING SURFACE IN THRs 

UHMWPE, due to it's low frictional torque and high wear resistance [5, 97], is 

the most commonly used material as an acetabular cup bearing within a THR [5, 48, 

98]. This is due to the fact that UHMWPE provides. However, problems related to wear 

ofthe UHMWPE cup still exist and appear to be the main factor shortening the life-time 

of THRs [99]. Various approaches in computational FEM models have been used for 

predicting wear in THRs. Studies conducted by Maxian et al. [53], Robinson et al. [50], 

D'Lima et al. [68], Patil et al. [72] and Wu et al. [42] were investigating the wear rate; 

wear penetration depth was studied by Hall et al. [100], D'Lima et al. [68] and Farrar et 

al. [73]; and wear particle generation mechanism in micro-scale (asperity) models was 

analysed, for example, by McNie et al. [98] and Suhendra and Stachowiak [101]. 

2.4.1 Wear Rate 

Some FEM models found in the literature have presented useful techniques 

for calculating the wear rate of UHMWPE acetabular cups [41, 52, 53, 55, 72, 93]. The 

question whether the increase of friction results in a rise of volumetric wear is still 

controversial among investigators. Two different points of view can be found, one 

supporting the view that higher friction leads to higher wear and the other opposing it 

[51, 102-105]. Teoh et al. [35], in an elasto-plastic FEM model, observed that the 

friction coefficient has little effect on the wear rate. However, the analysis of their 

results shows that the use of the coefficient of friction of 0.3 in the model results in a 

12% increase in the volumetric wear compared to that ofthe friction coefficient of 0 

[35]. 
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Bennett et al [82] in a computer simulation observed the relationship between the 

movement loci of the points on a femoral head and the wear rate of an UHMWPE cup. 

It was found that the changing direction of movement affects wear [82]. It was 

suggested that shorter movements ofthe femoral head would cause less wear ofthe cup 

than longer movements that criss-cross previous trajectories) [82]. This result implies 

that wear of the UHMWPE acetabular cup in a THR is affected by the sliding distance 

and movement direction of individual points on the femoral head [82]. 

A FEM study conducted by Patil et al. [72] reported that the magnitude of wear rate was 

influenced by the acetabular cup orientation, i.e. an increase in the acetabular abduction 

angle resulted in the higher linear wear rates. When the contact stress increased from 

5.6 to 6.8 MPa, the linear wear rates predicted by their FEM analysis increased from 

0.036 to 0.045 mm/million cycles [72]. Results obtained from this model showed a 

good agreement with the works conducted by Maxian et al. [53]. 

2.4.2 Wear Volume 

The investigation of the relation between volume, depth and direction of 

wear in UHMWPE acetabular cups has also been performed using a mathematical 

model developed by Derbyshire et al. [106]. The tunnelling formula (2.1), proposed by 

Charnley et al. [44], was used to estimate the volume loss: 

V*i=**kdw (2.1) 

where: rh is the radius ofthe femoral head and dw is the wear depth. 
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It was suggested that equation (2.1) should be used if the direction of wear is through 

the pole of the cup [106], but in real situations this never happens. More recently, 

another formula (2.2) for calculating the wear volume of an acetabular cup, that 

considers the wear direction (Figure 2.5), was introduced by Kabo et al [99]: 
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where Vw2 is the wear volume of a hemispherical cup, calculated using the formula by 

Kabo [99], </> is the angle between the direction of wear and a plane parallel to the flat 

face ofthe cup. The amount of wear removed from UHMWPE acetabular cups can also 

be estimated using the Lancaster equation (2.3) [107] that is a simplified Archard's law 

[43]: 

V = kw.Sd.pN 

i KA 

(2.3) 

(2.4) 

H 

where V is the wear volume released from the surface of a softer material ( U H M W P E ) , 

Sd is the sliding distance, /?N is the normal contact force, kw is the wear coefficient 

(mm3/N.m) (also called a specific wear rate), and K and H are a proportional constant of 

the Archard's law and the hardness ofthe softer material respectively. It was suggested 

that the wear volume depends on material properties and operating conditions only [42] 
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Figure 2.5: (a) Schematic drawing of an acetabular cup. The initial socket geometry consists of a 

hemisphere and a cylindrical portion (JKLM). The femoral head (which has been 

halved for clarity) has worn into the socket to a depth d in a wear direction </). The 

hatched region is Vw2. (b) The wear volume represented by Equation 2.1 [106] 

A numerical analysis developed by Maxian et al. [53] has been used to calculate 

volumetric wear of UHMWPE and a wear rate of 13 mm3 per year was found. 

Meanwhile, for the same size of femoral heads, a radiographic study performed by 

Livermore et al. [108] and a laboratory study conducted by Saikko et al. [109] found 

volumetric wear rates of 48 mm per year and 48.9 - 66.4 mm per year, respectively. It 

is clear that there is a significant difference between the volumetric wear rate predicted 
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by the numerical analysis [53], the clinical [99] and laboratory [109] measurements. 

More recent numerical study results (with the same femoral head size) performed by 

Wu et al. [42] show a good agreement with both the radiographic and laboratory 

measurements. The mean volumetric wear rate calculated from this numerical model 

ranges from 40 to 70 mm3 per year [42]. 

Volumetric wear increases linearly with the increasing femoral head size and slightly 

increases with the increasing polyethylene liner thickness. When smaller head sizes are 

used, the effect of the polyethylene liner thickness becomes much smaller [55]. 

Volumetric wear rate decreases asymptotically with the increasing head-liner clearance 

[55]. 

2.4.3 Femoral Head Penetration 

Total penetration of the femoral head into the UHMWPE acetabular cup is 

due to a combination of creep and wear [35, 42, 55]. The contribution of creep to the 

linear penetration is highest immediately following implantation [11]. It is important to 

recognise that this early femoral head penetration into the cup is a large factor 

contributing to the initial high wear of the acetabular cup; after the initial creep the 

long-term wear rates are much lower [55]. In addition to the penetration ofthe head into 

the liner, Young et al. [110] noted that conformational change (backside wear) between 

the modular acetabular liner and the metal shell may also contribute to linear 

penetration. As already mentioned, the use of a larger femoral head may reduce total 

head penetration, however, it may increase the volumetric wear [42, 55]. 
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Bevill et al. [55] investigated the correlation between the creep penetration and implant 

geometry, such as femoral head size, liner thickness and clearance. It was found that 

creep of the UHMWPE liner resulted in changes to the head-liner conformity and 

subsequently in considerable changes to the contact stresses [55]. The level of changes 

in both conformity and contact pressure due to the UHMWPE creep depended on the 

thickness of a liner and the size of radial clearance [55]. Femoral head penetration 

(Figure 2.6) decreased asymptotically with the increase in both femoral head size and 

liner thickness [55]. 
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Figure 2.6: Illustration of femoral head penetration wear. 

Numerical analyses employing the Archard's law [43] for predicting wear in THRs 

have been initially performed by Maxian et al. [41, 53, 87], and later by Teoh et al. [35], 

Wu et al. [42], Patil et al. [72] and Bevill et al. [55]. The wear coefficient of 1.0656 x 

10"7 mm3/Nm calculated by Maxian et al. [53] has been adopted and implemented in 

many recent studies ofthe numerical wear simulations. Penetration as a function ofthe 

liner thickness has been reported by Maxian et al. [87]. It was found in their numerical 
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study that the highest one year penetrations would occur with the thinnest polyethylene 

liner [87]. 

2.5 MODELLING OF ASPERITY CONTACT IN THRs 

When a harder (e.g. CoCr alloy) femoral head surface slides across a softer 

UHMWPE acetabular cup, surface and subsurface plastic strains are introduced into the 

thin surface layer of the softer polyethylene. These strains are believed to be related to 

the wear particle detachment [48]. Transfer of the UHMWPE particles to the metal 

counter-face during sliding wear was found to involve interlamellar shear of the 

polymer and transfer film development [96]. The presence of lubrication would affect 

both the mechanism of generation and morphology of wear particles. However, in the 

model developed, dry friction contact between UHMWPE and CoCr surfaces was 

assumed. Lubricated conditions were only roughly approximated by using a very low 

value of coefficient of friction, i.e. u = 0.07. Studies at macro- and micro-scales using 

mechanistic and materials approaches have been performed to investigate the 

mechanisms of UHMWPE wear particle formation and to relate the failure of a THR to 

the generation of submicron wear debris [26, 80, 98, 111-113]. Myshkin et al. [114] 

suggested that a discrete asperity-to-asperity submicron scale contact analysis may give 

new insight into the cause of submicron wear debris. To determine the submicron wear 

debris generation mechanism, a transition of the geometrical scale from macro to micro 

as well as a change from the bulk properties of material to the surface layer properties, 

such as local elastic modulus and hardness, are required [114]. 

Several researchers such as Zhang et al. [102], McNie et al. [98, 113], and Suhendra and 

Stachowiak [101] have developed computational models that allow the prediction of 
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mechanical, thermal and wear behaviour on a micro-scale using model asperities under 

sliding contacts. Zhang et al. [102] presented the derivation of a model for predicting 

the friction coefficient for two elasto-plastic surfaces in quasi-steady-state sliding. In 

their model, the modifier "quasi" was used in order to emphasize the absence of true 

equilibrium condition in tribodynamic systems, in which the frictional effects are 

"constant". 

McNie et al. [98] in an FEM asperity model predicted the plastic strain characteristics in 

the UHMWPE thin surface layer (asperity) under sliding contact. Various aspect ratios 

ofthe asperity heights to half widths were used in this model to examine their effects on 

contact pressure, stresses and strains. The FEM results showed that the maximum 

equivalent plastic strain, PEEQ, occurs around 2pm below the surface of the 

UHMWPE asperity [98]. Another 2D FEM study using the asperity contact model 

showed that the maximum equivalent plastic strain decreased with the increase in 

asperity width, however, the geometrical position of this maximum remained near the 

surface ofthe UHMWPE cup [113]. In addition to the asperity contact model, the 

relationship between the change in plastic strain with respect to the area of UHMWPE 

undergoing plastic strain was introduced [113]: 

jep.dAx=3.09hw + 3S.96 (2.5) 

where ep, h and w are defined as the plastic strain, the asperity height and the asperity 

half width respectively [113]. 

The authors of this study suggested that Equation (2.5) can be used to give an indication 

ofthe risk of fatigue crack initiation [115]. When the height and width were combined 
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to give the asperity cross-sectional area, the plastic strain area integral generally 

increased with increasing asperity area [113]. 

It was also reported that as the aspect ratio of the asperity increases, the position of the 

highest strain moves closer to the surface [98]. The variation ofthe maximum plastic 

strain with the asperity aspect ratio, observed in a model performed by McNie et al. 

[113], can be described by the relationship: 

(h\21 

i = 3 5 . 6 - (2.6) 
\w) 

Furthermore, the model also showed the increase in area of plastic strain in the softer 

fixed UHMWPE resulting from the increase in width and height of the asperity. The 

relationship between the area of plastic strain and the area of asperity is described as 

[113]: 

APS =24.2AASP+32\3 

where Aps and AASP are the area of plastic strain and the area of asperity respectively. 

A more recent FEM study conducted by Suhendra and Stachowiak [101] proposed a 

strain localization concept in a micro-scale contact model for calculating accumulated 

equivalent plastic strain discontinuity distributions, and their propagation paths within 

the softer fixed UHMWPE asperity. Crack propagation paths that occurred within the 

subsurface of UHMWPE asperity were used as a basis for predicting wear particle 

formation (size and shape) [101]. 

This review has traced the progress in developing FEM models of wear for the 

articulating surfaces in THRs over the past decades. Although the intention was to 
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provide an overview of the field as comprehensive as possible, some issues are clearly 

neglected, such as modelling of stress shielding, stem/bone interface stresses and 

implant strength, owing mainly to the restriction on the chapter's length and the 

relevance to the main topic of this thesis. 

It is clear from the literature review that the mechanisms involved in wear particle 

generation in artificial implants are complex. One way of studying these mechanisms is 

through a numerical simulation of contact between two interacting bodies. This could 

be achieved through the development of appropriate final element models. 

2.6 CONCLUDING REMARKS 

• During the past decade, the FEM has been increasingly used as a numerical 

technique for analysing contact stresses, thermal effects and wear in THRs; 

• Studies using the FEM models showed that THR implant parameters such as 

materials, geometry (femoral head size, radial clearance, femoral head-neck 

ratio) and orientation affect the contact stresses, temperature and wear in THRs; 

• FEM models can be used to analyse the distribution of accumulated stresses and 

strains within the articulating surface of THRs, and to predict wear (volume and 

depth). 

• FEM models (by introducing the strain discontinuities approach) can be used to 

predict failure mechanisms ofthe UHMWPE surface layer and to investigate the 

generation of submicron wear particles through the analysis of asperity contacts. 
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CHAPTER 3 

Experimental Details 

3.1 EXPERIMENTAL DESCRIPTION 

3.1.1 Material 

Experiments were performed to study UHMWPE wear particle formation. 

UHMWPE acetabular cup sliding against a harder CoCrMo alloy femoral head was 

used in a purpose built hip joint simulator. Medical grade UHMWPE acetabular cups 

28.2 mm in diameter, supplied by Metasul (Centrepulse, Switzerland), were used in the 

study. A commercial CoCrMo alloy femoral head 28 mm in diameter, supplied by 

Metasul (Centerpulse, Switzerland), was used as a counterface. No special surface 

treatment ofthe surfaces was conducted prior to testing. 

3.1.2 Surface roughness measurements 

The cup and head surface roughness was measured using a Form Talysurf 

series 2 S4C profilometer (Taylor Hobson Ltd., Leicester, UK). The profilometer was 

equipped with a diamond tip of 2 um radius and 90° cone angle. The cut-off length was 

0.8 mm. The average initial surface roughnesses (Ra) of UHMWPE cup and CoCrMo 

alloy head were 0.14 um and 0.06 um, respectively. 
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3.1.3 Wear tests 

A simplified hip joint wear simulator was designed and used in this study. In 

the simulator the load between the articulating surfaces is applied by a hydraulic 

system, as shown in Figures 3.1. An electric motor is used to provide a sliding 

movement between the articulating surfaces ofthe cup and the head, as shown in Figure 

3.1. The acetabular cup is rigidly attached to a cup base holder and is oriented at an 

angle that corresponds to 0° of abduction and 90° of anteversion. The femoral head is 

mounted on two perpendicular slides allowing for self-alignment to the articulating 

surface of the acetabular cup. The femoral head is centred on the axis of rotation to 

ensure that the load imposed would not result in a change in the torsional moment as the 

femoral head is rotated. 

The direction ofthe axial/torsional actuator (marked E in Figure 3.1) corresponds to the 

extension - flexion direction and the direction of torsional motion of the reciprocating 

crank arm (marked F in Figure 3.1) corresponds to the abduction - adduction directions. 

Both cyclic motion and loading are manually controlled to simulate a range of operating 

conditions. A compressive load along the vertical axis of the head component is 

imposed at the top ofthe femoral head's cylinder-shaped grip, marked C in Figure 3, 

relative to the acetabular cup (socket) orientation. An illustration of the cup position 

relative to the head in the hip simulator is also shown in Figure 3.2. The experiments 

were carried out under unlubricated (dry) conditions. 

Experiments conducted on a specially built hip joint simulator were conducted under 

dry contact conditions to reproduce as closely as possible contact conditions simulated 

numerically. A load of 2.5 kN represents four times average body weight encountered 
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during walking. The purpose of these experiments was to confirm the size and shape of 

wear particles generated with those predicted by the model. 

During experiments the femoral head moved in a sinusoidal cycle of 180° rotation at a 

rate of 60°/s. A constant loading force of 2.5 k N was applied, with a constant frequency 

of 2 Hz, directions from 0° to ±35° abduction - adduction (cyclic motion). This gave a 

linear sliding speed of 0.2 ms"1. 

Figure 3.1: Simplified hip joint simulator; (A) compressed gas hose; (B) pressure gauge; (C) 

pneumatic cylinder; (D) variable speed controller; (E) toothed actuator belt; (F) 

reciprocating crank arm; (G) cup holder, (H) "Variac"- voltage regulator; (I) 

pneumatic regulator; (J) cyclic number counter. 
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The total length of the wear tests conducted was 2.56 million cycles. The tests were 

periodically stopped after a sliding distance of 864,000 cycles; the cup and the head 

components were then removed from the test rig and any debris found were collected. 

864,000 cycles is equivalent to 480 hours of joint operation. The debris were rinsed 

with acetone, deposited on the microscopy slide and dried. The collected wear particles 

were then coated with Au/C before being examined in the SEM to characterize their 

morphology. 

3.2 FINITE ELEMENT MODEL DESCRIPTION 

3.2.1 FEM analysis of the ball-cup pair used in the hip 

simulator 

The finite element method (FEM) was used to analyse the response of the 

developed hip wear simulator structure, including acetabular cup and femoral head 

components. Both contact stresses and deformations were analysed. Two- and three-

dimensional (2 and 3D) models of the ball-cup pair used in the hip simulator were 

developed using a commercially available FEM software package ANSYS, version 8.0. 

These models were developed to investigate the distribution of von Mises equivalent 

stress, deformations in the cup and head surfaces, and subsurface deformations in the 

acetabular cup in the ball-cup arrangement used in this study. 
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Figure 3.2: Position ofthe cup - head articulating pair in the hip simulator 

Loading 
Axis of rotation Axis of rotation 

(r^Jfl C^> 

Figure 3.3: Illustration ofthe hip simulator motion 
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The F E M model simulation was conducted using the following boundary conditions: 

• cup is stationary and rigidly fixed to the cup base holder; 

• femoral head is placed on the top of cup liner with the position as shown in 

Figures 3.2 and 3.3; 

• constant loading force of 2.5 kN is used to establish contact pressure between 

the articulating components. 

Only a brief discussion ofthe UHMWPE cup mechanical responses in the form of von 

Mises stress and accumulated deformations distribution will be presented in this work 

as more details can be found in Appendix A (Paper I) [36]. 

3.2.2 FEM model of sliding contact analysis of total joint 

prosthesis 

The two-dimensional (2D) plane strain model developed in this work is used 

to investigate the surface shear stress evolution together with the internal shear stress, 

material deformation and temperature change during sliding at the articulating interface 

of a THR. Apart from the normal loading the model also incorporates sliding contact 

occurring between the head and the cup bearing surfaces. Sliding between the head and 

the cup was continually applied during the simulation. A commercial FEM package 

(MSC PATRAN version 2001) was used to develop the solid model and pre-process 

both the acetabular cup and the femoral head components. The ABAQUS FEM package 

(version 6.2, HKS Inc. U.S) was used to perform the simulation. 

The geometrical model of a hip implant consisting of a ball and acetabular cup is 

schematically illustrated in Ref [36], Figure 1 The cross-section of the cup, modelled 

with four-noded plane strain elements is shown in Ref [36], Figure 2. The acetabular 
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cup has a nominal inner and outer radius of 15.0 and 25.0 m m respectively. The 

modelled femoral head radius is 14.9 mm, and the radial clearance is 0.1 mm. The mesh 

density ofthe acetabular cup increases to a maximum at the contacting surface. 

The friction coefficient was assumed to be constant and independent of the sliding 

speed and temperature rise, in accordance with the Coulomb model. The increase of 

temperature in the acetabular cup is due to the contact pressure and frictional heating 

generated during sliding. Various magnitudes of friction coefficients, ranging from 0.01 

to 0.3, have been investigated by other researchers [93, 116]. The values of friction 

coefficients used in the present model were 0.01, 0.03, 0.05, 0.1, 0.2, 0.3 and 0.4. 

The material mechanical and thermal characteristics used in the finite element analysis 

are shown in Ref [36], Tables 1 and 2 respectively. The materials listed are typical of 

those used in commercial total joint prostheses, e.g. UHMWPE, CoCrMo alloy, and 

alumina. The material properties have been assumed to be temperature-independent. 

Two combinations of materials were investigated, UHMWPE-CoCrMo alloy and 

UHMWPE-alumina, to observe the effect of material properties on stress and 

temperature. 

The finite element model simulation was conducted using the following boundary 

conditions: 

• The 2D plane strain model presented consists of a circular head and a cup; 

• At the beginning of the simulation, a small displacement was applied to 

establish full contact between the cup and the head. This avoids instabilities that 

would otherwise arise if the force was applied without contact/equilibrium 

having been established first; 

43 



• The head is allowed to move in x- and y-direction and to rotate about z-axis; 

while the cup is rigidly fixed along its curved outer edge (Figure 3 in Ref [36]); 

• A displacement is applied to the femoral head reference node at 45° to the 

vertical, as shown in Figure 3 in Ref [36]; 

• The illustration of load acting in the hip joint system during walking is presented 

in Figure 4 in Ref [36]; 

• A maximum load of 1050 N is applied during sliding contact operation ofthe 

simulation, with an angular speed of 13.4228 rad/s (120 rpm) for 180 minutes; 

• Six different sliding speeds were considered with the same friction coefficient 

and loading. The initial temperatures of all nodes in the acetabular cup and the 

femoral head were set at 37°C. 

• The loads acting in the hip joint prosthesis model were obtained from prescribed 

displacements by moving the femoral head toward the acetabular cup bearing 

surface. 

More details ofthe FEM model used can be found in [36]. 

3.2.3 FEM model of the asperity contact 

The 2D FEM model of sliding contact between asperities on the UHMWPE 

cup and the CoCr alloy femoral head surfaces was developed and was presented in 

Appendix B (Paper II) and Appendix C (Paper III) [101, 115]. The contacting surfaces 

are characterized by elements of the finite element mesh. Friction coefficients of 0.07 

and 0.2 and relative sliding speed (between the two asperities) of 0.2 ms"1 were used to 

examine the friction effect on the von Mises stress, the equivalent plastic strain and the 

heat flux field distributions generated due to the sliding. The aim was to predict the 

development of an incipient crack at some point in the softer UHMWPE cup surface 
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layer (asperity). Furthermore, the accumulated plastic strain change with cross-

sectioned asperity depth was analysed to predict yield regional behaviour during sliding 

contact occurring in the entire softer asperity subsurface. This model was developed 

using ABAQUS version 6.3 [117]. 

The developed micro-geometry (asperity) contact model was used to analyse crack 

initiation regions and to predict crack propagation paths within the asperity on the softer 

UHMWPE surface when sliding against the harder surface of CoCr alloy femoral head. 

The asperity aspect ratio was defined as the height divided by the half width resulting in 

a mean aspect ratio of 0.08 [98]. To establish an interlocking asperity contact, a similar 

aspect ratio for the CoCr asperity was assumed. As the asperity scale is of the order of 

micrometres, i.e. much smaller than that of the radius of curvature of the femoral head 

and the acetabular cup, both contacting surfaces can be modelled as flat. In the model 

developed, contact between a single CoCr alloy asperity and a single UHMWPE 

asperity was used in the interlocking position. Detailed description of this model can be 

found in the Appendix B (Paper II) and Appendix C (Paper III) [101, 115]. 

The two contacting asperities used in the model developed were arranged in an 

interlocking position, schematically illustrated in Figure 3.4. Therefore, when the harder 

asperity slides over the softer (fixed) asperity, contact stresses detected within the 

surface and subsurface of the softer asperity increase with the sliding distance, and 

reach the maximum at the peak ofthe softer asperity. 
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Idealized asperities in contact 

Figure 3.4: Schematic illustration of the contacting asperities in total hip joint replacement model 

(the scale does not represent the correct ratio of vertical to horizontal dimensions) 

The contact between the two surfaces was established by first moving the harder 

femoral head asperity in the vertical direction onto the fixed softer acetabular cup 

surface by 0.04 p m to impose an initial load. The CoCr alloy femoral head asperity was 

then moved in the horizontal direction, sliding along the U H M W P E cup asperity with a 

speed of 0.2 m.s"1. This sliding speed was used in the work conducted by Fisher et al. 

[26] in the frictional characterization of explanted Charnley hip prostheses. The 

horizontal sliding results in increasing contact stress for both asperities, as shown in Ref 

[101], Figure 2, causing the softer asperity to change its mechanical behaviour from 

elastic, through elastic-plastic to fully plastic. The horizontal displacement used in the 

simulations was chosen to ensure that the harder sliding asperity (CoCr alloy head) has 

completely passed over the softer fixed asperity ( U H M W P E cup). The loading and 

boundary conditions were set in this F E M model in such a manner that the tangential 

load intensifies as the sliding distance increases. 
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CHAPTER 4 

Results and Discussion 

4.1 LABORATORY EXPERIMENT 

In this initial approach dry friction contact between UHMWPE and CoCr 

surfaces was studied and the effect of lubrication was only roughly approximated by 

using a very low value of coefficient of friction, i.e. p = 0.07. 

4.1.1 Optical images 

An optical micrograph of the original UHMWPE cup surface prior to testing is 

shown in Figure 4.1. It can be seen from Figure 4.1 that the machining marks are visible 

initially on the surface near the pole of the unworn UHMWPE cup. These marks are 

being gradually removed as the sliding distance increases during the experimental tests, 

as is shown in Figures 4.3 and 4.4. Three locations in the cup liner, marked Siow, Smed 

and Smax, in Figure 4.2 and representing the locations under low, median and maximum 

strain-stress, respectively, have been investigated (see also Figure 4.14). The following 

observations are made: 

• After a sliding distance of 0.864 million cycles with a rotational speed of 120 rpm, 

the machining marks of the worn cup located around mark Siow were still clearly 

visible (Figure 4.3a - 4.3b). However, some damage due to sliding is also found. 

Meanwhile, at the location surrounding marked Smeej, the surface is smoother than 

that located at the region where the lower strain-stress takes place (Siow). Faint 

machining marks are still visible; however, it appears that the cup surface is 

experiencing more wear in the form of surface smoothing or polishing (Figure 

4.3c - 4.3d). Finally, at the location marked Smax, the machining marks on worn 
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cup have been completely removed, and replaced by signs of surface abrasion and 

pitting. The cup appears to undergo an accelerated wear within this region and the 

possible mechanisms are adhesion / film transfer and abrasion (Figure 4.3e - 4.3f). 

• After a sliding distance of 1.73 million cycles, a smooth cup surface is found at 

the location marked Siow (Figure 4.4a - 4.4b) [118]. This may be due to shear 

deformation of the top surface layer that results in the flattening and subsequent 

removal of asperity summits, reducing the surface roughness [119]. Plastic 

deformation and the removal of submicron particles are aided by the surface 

temperature increases due to frictional heating [7]. At the location marked Smed, 

the surface is smooth in some places (Figure 4.5a - 4.5d) whilst shallow grooving 

and surface pitting are found in other places. Shallow surface grooves, parallel to 

the direction of sliding (Figure 4.5c - 4.5d), indicate that abrasive wear (mostly 

ploughing) contributes to the wear of UHMWPE cup [120]. Further, surface 

pitting may indicate that adhesive wear followed by a film transfer also take place. 

At the location marked Smax, as shown in Figure 4.6a - 4.6b, wear scar 

morphology may indicate that delamination wear contributes to the particle 

formation [7]. 

• After 2.6 million cycles under a constant contact load of 2.5 kN, the articulating 

surface of UHMWPE at Smax location, as seen from Figure 4.6c - 4.6f, shows 

signs of severe wear damage in the form of surface ripples, smearing and particle 

removal. These surface features are thought to be the result of a plastic strain 

accumulation [118]. In most cases, the analysis of explanted cups reveals surface 

smoothing, some shallow grooving, and submicron particles. In comparison to the 

explanted cups the wear damage generated during present experiments is more 

severe. This severe wear is due to the high friction associated with the dry sliding 

contact condition during the present experiments [92]. 
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• The examination of the worn surfaces has shown that all the machining marks at 

the three locations are removed after 1.5 million cycles. 

Images of the worn cups obtained from present tests and found in the published 

literature are compared in Figure 4.7a and 4.7b. As can be seen from Figure 4.7a, the 

dry conditions used in the experimental tests have resulted in more severe wear damage 

than that found on the explanted cups (see Figure 4.7b). The evidence of UHMWPE 

film transfer occurring during the present tests can be found by examining surface 

roughness ofthe femoral head, as shown in Figure 4.8b. A large amount of UHMWPE 

transfer is observed onto the metallic CoCrMo alloy counterface (Figure 4.8b). The 

darkened (browned) colour ofthe transfer film indicates a surface temperature increase 

and degradation ofthe UHMWPE [121]. 

Based on the microscopy examination of the worn cup and the femoral head surfaces, 

the sequence of wear mechanisms is proposed: (i) Initially, plastic deformation and 

material flow result in surface smoothing in the lightly loaded areas and adhesion/film 

transfer in the more heavily loaded areas; (ii) The increased surface roughness of the 

femoral head due to film transfer causes abrasion of the softer UHMWPE cup; (iii) 

Continuous loading results in plastic strain accumulation and wear, characterised by the 

production of very thin plate or flake-like particles with sizes up to 10 microns (Figure 

4.9). 

It is possible to observe the progress of wear by examining the wear surfaces and wear 

particles generated after increasing sliding distances. For example, after a sliding 

distance of 0.864 million cycles is reached, the worn cup surface condition and the wear 

particles obtained from the test can be analysed by examining the optical image shown 
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in Figure 4.3 (the cup) and the S E M images shown in Figure 4.9 (wear particles). The 

worn cup at Smax location after a sliding distance of 1.73 and 2.59 million cycles are 

shown in Figure 4.6a - 4.6b and Figure 4.6c - 4.6f, respectively, whilst the UHMWPE 

wear particle shapes and sizes generated for the same sliding distances are shown in 

Figure 4.10 - 4.11 and Figure 4.12, respectively. 

4.1.2 SEM images of UHMWPE wear particles 

SEM observations ofthe collected UHMWPE wear particles generated after a 

repetitive movement of the hard CoCr alloy head against the softer UHMWPE cup 

revealed that their sizes range from submicron to several hundreds of microns. Figure 

4.9a - 4.9d shows typical sheet-like or flake-like wear particles formed after 0.864 

million cycles of sliding (sliding speed 0.2 m/s, contact load 2.5kN). These particles are 

all very thin, have rather smooth surfaces but their edges vary from smooth to irregular. 

The most probable mechanism that generates such particles is delamination wear 

resulting from accumulation of plastic strain and crack propagation due to a sliding 

contact [118]. 

Figure 4.10 shows the wear particles generated after 1.73 million cycles. The particles 

are a mixture of flake-like particles (similar to those in Figure 4.9) and smaller particles, 

some of them resembling fibrils (Figure 4.10c). Sometimes it is not clear if particles 

such as the ones shown in Figure 4.10b or 4.11 are single particles or agglomerations. It 

seems as though the particles generated after 1.73 million cycles (Figure 4.10) are 

somewhat smaller than the particles generated after a shorter sliding time (Figure 4.9). 

It may also be postulated that some of the larger particles are broken into smaller 

(fragmentation) particles during sliding [101]. 
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Figure 4.12 shows typical U H M W P E wear particles generated after 2.59 million cycles 

of sliding. It appears as though the particles are larger (sizes from 1.5 micron to several 

tens of micrometers across) and not as thin as the particles described above. They have 

increased surface roughness and quite regular or straight edges. Some of them resemble 

chunkier particles that are characteristic of adhesive wear, often found in tribological 

systems where severe wear situations exists. Ribbon-like particles, such as shown in 

Figure 4.12d, are characteristic of abrasive wear [7]. 

Previous studies of UHMWPE wear debris revealed that the majority ofthe wear debris 

produced in vivo and in laboratory experiments using serum lubricated hip simulators 

are generally classified as: fibrillar, elongated, rounded granules, small granular or thin 

sheet particles [122-129]. Clinical studies performed by McKellop et al. [129] and 

Shanbhag et al. [126] reported that submicron particles tend to have a spherical shape, 

and their sizes are generally less than 1 p m, with an average size of about 0.5 p m 

[126, 129]. Meanwhile, another clinical study [122] found that wear particles formed in 

artificial joints are mainly less than 1 p m, with an average size of about 0.5 p m; and 

occasionally large wear particles due to the delamination wear were also found [122]. It 

was also reported that an average size of UHMWPE wear particles found in the tissue 

surrounding the total hip prostheses was approximately 0.53 p m [126]. 

The majority of laboratory investigations presented in the literature are commonly 

performed using lubricated hip simulation. Some typical wear particles found in the 

literature can be observed in Table 4.1 (Figure (A) - (T)). As seen from Table 4.1 (e.g. 

Figure (N - P)), it appears as though wear particles obtained from lubricated hip 

simulations are greatly different from those obtained from our simulation tests operating 
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under a dry sliding condition. In addition to wear particle morphology (shape and size), 

UHMWPE wear particles found in previous lubricated hip simulator studies 

occasionally exhibit similar characteristics to that of found in clinical studies. As an 

example, Table 4.1 (Figure (J) and Figure (M) - (O)) demonstrates such as case where 

particles are characterized by submicron sizes ranging from 0.1 - 1.0 pm. However, 

large particles are also present sometimes with the size approximately 300 p m long, 

e.g. (Table 4.1 (Figure (A)). Large rounded, elongated, fibrillar, sheet- and flake-like 

particles were also found, e.g. Table 4.1 (Figure (A) - (G), (K), (S) and (T)). Most of 

the larger particles morphologies are similar to those obtained from our simulation tests. 

Hip simulator studies carried out by Affatato et al. [124] showed that the fibrillar 

particles were approximately 10 p m long and 5 p m wide. Occasionally particles with a 

larger and more irregular shape ranging from a few to several micrometers were also 

found [124]. Moreover, the wear particles resulting from a UHMWPE/zirconia (80Z) 

couple were mainly elongated (200 - 300p m in length) and built up by the 

agglomeration of flat micrometric particles [124]. Several rounded particles of about 

6 p m in diameter, and thin sheets in curled and folded form of about 10 -15 p m in size, 

were also present [124]. It was suggested that the differences in mean size between 

particles from the wear simulators and from in vivo investigations result from 

fundamental differences in the wear conditions [130]. Thus, validation of wear particles 

is an essential procedure for simulators [129], either via in vivo particle comparison or 

by other means such as development of approximate numerical methods. 
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4.2 FINITE ELEMENT ANALYSIS 

4.2.1 Finite element analysis of stress distribution within the 

hip simulator rig 

A FEM analysis of accumulated stress and deformation within the surface and 

subsurface of prosthetic components mounted in a hip joint simulator is presented in 

this section. As shown in Figures 4.13a - 4.13b, under a loading applied at the top of 

the femoral neck, the highest von Mises stress occurs within the cylinder-shaped part of 

the femoral head. The von Mises stress distribution from the surface to some depth in 

the subsurface ofthe UHMWPE cup is shown in Figure 4.14; whilst the accumulation 

ofthe UHMWPE cup deformation is shown in Figure 4.15. Details ofthe finite element 

stress analysis, strain and temperature at the surface and subsurface of the UHMWPE 

cup can be found in [36]. 

During the experiments conducted on the joint simulator, it was observed that the wear 

mechanism involved in UHMWPE wear particle generation was dominated by 

mechanically and thermally activated delamination/fatigue wear. The temperature rise 

at the interface during the experiments was calculated. The results are shown in Figure 

4,16. The estimated temperature rise after 300 minutes of sliding (or 36,400 cycles) was 

11°C from an initial temperature of 20°C. As shown in Figure 4.16, initially the 

interface temperature is gradually rising with the sliding distance. After 60 min of 

sliding (7,200 cycles), an equilibrium is reached and the temperature obtains a steady 

value between 29 - 31°C. As reported in the literature, the rate of temperature rise can 

be affected by factors such as sub-surface deformation, disturbance caused by adhesive 

processes, presence of transfer films on the head surface and an increasing quantity of 

wear particles [131]. 

53 



4.2.2 Finite element analysis of sliding contact in THR 

The objective of this work was to obtain a comprehensive view of the 

operating conditions in a total hip joint replacement. The effect of friction coefficient, 

sliding speed and design parameters, such as femoral head and radial clearance between 

the acetabular cup and femoral head of THR, on mechanical and thermal parameters are 

examined. The observation ofthe surface shear stress distribution at the cup liner helps 

to understand the material response (cup component) to the sliding contact force. From 

this result, the regions most likely to fail mechanically can be identified [36]. The 

surface shear stress was obtained from seven different simulations, with seven different 

friction coefficients. Results suggest that the friction coefficient has a significant effect 

on the cup surface shear stress [36]. Investigation ofthe effect of friction coefficient on 

the temperature revealed that for a higher friction coefficient and increased sliding 

distance, a greater amount of heat was generated, resulting in a higher temperature 

gradient [36]. Additionally, it was indicated that the sliding speed has little effect on the 

surface shear stress; however, it affects the temperature increase at the contacting 

surfaces and consequently, the resulting thermal expansion influences the internal stress 

distribution within the cup [36]. 

Two different materials (CoCrMo alloy and alumina) have been examined in this model 

to determine their effect on the shear-stress distribution and temperature rise at the 

acetabular cup bearing surface. Results obtained have demonstrated that the difference 

between mechanical and thermal properties of the head material has significant effect 

on the temperature rise (Paper I (Figure A. 15)) and shear-stress (Paper I (Figure A. 16)) 

[36]. The effects of dry/lubricated conditions on temperature are discussed in detail in 

Appendix A. 
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A n attempt was also made to investigate the effect of diametral/radial clearance on the 

surface shear stress distribution occurring at the acetabular cup component. It has been 

found in this study, that radial clearance has a significant effect on the shear stress 

distribution at the cup surface [36]. Results are not presented in this work as more 

details can be found in Appendix A (Paper I) [36]. 

4.2.3 FEM model of the asperity contact 

4.2.3.1 The prediction of mechanical and wear behaviour in 

THR 

The process of wear particle formation is quite complex and depends on 

various parameters including geometry, loading behaviours and environment. 

Therefore, a simplified geometry was modelled and discussed in this work (Appendix 

B, Paper II) [101]. The proposed technique for estimating wear particle formation (size 

and shape) in the UHMWPE surface layer uses a concept of strain localization or strain 

discontinuity approach [101]. 

An attempt to model the UHMWPE wear particle detachment was made by taking into 

account the evolution of the finite plastic strain discontinuity distribution occurring in 

the subsurface of the UHMWPE asperity. The pattern of highest strain discontinuity 

within regions in the UHMWPE subsurface where crack propagation would take place 

are along a path near the contacting surface. 

The equivalent plastic strain discontinuity contour map obtained from the model 

(Appendix B (Paper II), Figure B.13) shows possible locations ofthe crack propagation 

paths in the softer material. As the friction coefficient and sliding contact force increase, 
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the m a x i m u m von Mises stress and plastic strain move closer to the surface [101]. A n 

increase in friction coefficient has a significant effect on the stress and strain state 

occurring between the contacting asperities, as well as on the area subjected to the 

higher stress and strain states. The results obtained indicate that a delamination type 

wear particle would initially be formed [101]. As processes of wear particle detachment 

from the surface layer is complex, there would be a variety of wear particle sizes and 

shapes generated during wear processes. The size of wear particles predicted by the 

model developed is between 0.01 and 2p m, providing that the particle is in the form of 

flat sheet or elongated strip [101]. One ofthe limitations of this model is that it cannot 

predict the particle size for particles exhibiting different morphology, e.g. chunky, 

granular, etc. Results are not presented in this work as more details can be found in 

Paper II [101]. 

4.2.3.2 Heat effects and wear behaviour of UHMWPE 

A 2D FEM (plane strain) model of asperity contact employing the 

UHMWPE acetabular cup and the CoCr alloy femoral head of a hip joint prosthesis has 

been developed. The work was undertaken to investigate the effect of sliding friction on 

the thermal behaviour of yielding regions in the softer UHMWPE asperity. The 

tendency for frictional heating occurring during articulation of total hip systems has 

been shown in this study [115]. 

Through the heat flux (magnitude and vector) field distributions obtained, gradients 

(discontinuities) of the heat flux fields were calculated. Both magnitudes of the heat 

flux fields and the heat flux vector orientations were then observed to estimate material 
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propagation paths. These paths could subsequently be used to predict wear particle 

formations in the articulating surfaces of total hip joint prostheses. 

Results of this study [115] indicate that the highest value in the von Mises stress field 

changes its geometric position as the sliding distance of the harder asperity moves 

across the softer one. The distribution of the peak von Mises stress with a friction 

coefficient of 0.07 is broader than that for a friction coefficient of 0.2, however, the 

maximum value ofthe von Mises stress field using a friction coefficient of 0.07 is much 

lower than that ofthe friction coefficient of 0.2. Additionally, the highest values ofthe 

equivalent plastic strain for both friction coefficients of 0.07 and 0.2 accumulate in 

regions parallel to the surface, at a distance in the order of microns from the surface. In 

addition, the direction of the heat flux vectors near the contact region is divergent, and 

become uniform (parallel) as the distance from the contact region is increased 

The magnitude and direction of the heat flux vectors developed during sliding contact 

have been used to determine the propagation direction of cracks. It may be shown that 

discontinuities in heat flux correspond to discontinuities in strain [101]. Material failure 

propagation paths have been predicted by examining the distribution of accumulated 

heat flux discontinuities in the softer asperity during sliding contact. More detail of 

results and discussion of this study are presented in [115]. Results and discussion are 

not presented in this work as more details can be found in Appendix C (Paper III) [115]. 
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4.2.4 Wear particle formation predicted from the FEM 

asperity contact model 

A 2D FEM (plane strain) analysis was used to examine the internal equivalent 

plastic strain field ofthe deformed softer (UHMWPE) asperity occurring during contact 

under two different friction coefficients of 0.07 and 0.2. The deformation and the strain 

field vary non-linearly with the depth (see Appendix C, Paper III (Figure C.15 and 

C.16)) [115]. For every sliding distance studied, the maximum value ofthe equivalent 

plastic strain is located near the surface and declines continuously to zero with 

increasing depth into the softer body [115]. The thickness ofthe deformed layer is 

influenced by both the friction coefficient value and the frictional contact pressure 

[115]. Thus, according to these results, the higher the friction coefficient, the thicker the 

deformed surface layer ofthe softer asperity; Appendix C (Paper III (Figure C.15 and 

C.16)) [115]. It is thought that the depth of accumulated plastic strain field relates to 

wear particle size. 

The accumulation of peak values in the von Mises stress for the higher friction 

coefficient are located closer to the asperity surface than for the lower friction 

coefficient. Typical equivalent von Mises stress and plastic strain accumulations are 

shown in Appendix C (Paper III (Figure CIO and C.14, respectively)) [115]. The 

variation of the von Mises stress with depth below the interface for the UHMWPE 

acetabular cup and the CoCr alloy femoral head surface asperities results from the 

combined normal pressure and tangential stress [132]. The location of yielding regions 

underneath the contacting surface of the softer asperity during the sliding contact 

operation could relate to the location in which material failure (of the softer asperity) 

could take place, and subsequently describe the particle shape or size. 
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The prediction of crack initiation and crack propagation paths was conducted by 

examining the accumulated heat flux discontinuities (Paper II) [115]. As previously 

mentioned, the generated heat flux intensity strongly correlates with the plastic strain 

magnitude. It is thus reasonable to use the gradient of plastic strain in predicting the 

crack initiation and crack propagation paths. A detailed algorithm for tracking crack 

propagation trajectories of material under plastic strain discontinuities can be found in 

Paper II [101]. 

The plastic strain discontinuity distribution occurring in the subsurface of the 

UHMWPE asperity under friction coefficients of 0.07 and 0.2, as shown in Figures 4.17 

and 4.18 respectively, were examined in order to predict UHMWPE wear particle 

detachments. As can be seen from Figure 4.17 and 4.18, the pattern of strain 

discontinuity accumulation, changes with the increase sliding distance. As the femoral 

head asperity slides along the UHMWPE cup asperity, the geometrical position of the 

highest strain discontinuity in the UHMWPE subsurface moves with the increasing 

sliding distance. Under the sliding contact operation with a friction coefficient of 0.07, 

the plastic strain discontinuity starts to appear after an asperity sliding distance of 

0.25 pm is reached. The pattern ofthe highest strain discontinuity jumps, as shown in 

Figure 4.17a - 4.17e, indicating that the regions in the UHMWPE subsurface where a 

crack can propagate are along a path just underneath the contacting surface. 

Similarly, the sliding contact operation ofthe UHMWPE/CoCr alloy asperities under a 

friction coefficient of 0.2 reveals that the pattern of the highest strain discontinuity 

(Figure 4.18a - 4.18d) indicates that a crack can also propagate along a path in the 

regions in the UHMWPE subsurface, just below the UHMWPE contacting surface. 
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Based on the change in position of strain discontinuities within the softer U H M W P E 

asperity, as shown in Figures 4.17 (for the friction coefficient of 0.07), there are three 

possible crack trajectories that could take place, i.e. along lines markedSx, S^and S3 

(Figure 4.19). Furthermore, as can be seen from Figure 4.18 (for the friction coefficient 

of 0.2) there are also three possible crack trajectories that could occur, i.e. along lines 

marked ^f, 5* and S% (Figure 4.20). The thickness of wear particles that could detach 

from the UHMWPE surface under friction coefficient of 0.07 and 0.2, are between 0.05 

- 0.6pm and between 0.05 - 1.0pm respectively. The wear particle thickness 

predicted from the accumulated strain discontinuity using a friction coefficient of 0.2 

(represents experimental dry sliding contact) shows a good correlation with wear 

particles obtained during the experiments, especially at a lower number of cycles, i.e. 

below 1.73 million cycles. The range of wear particle sizes predicted from this model are 

within the size range observed by Kurtz et al [133], i.e. the sizes of UHMWPE lamellae 

are typically ranging from 10 to 50 nanometres in thickness and several micrometres in 

length. Wear particles predicted based on the FEM analysis of the asperity sliding 

contact model are in the form of thin flake-like particles (Figure 4.20). Flake-like wear 

particles were also generated during the experiments when the number of cycles was 

less than 1.73 million cycles. This flake-like wear particle shape is usually considered 

as a product of delamination/fatigue wear mechanisms [7]. 
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4.2.5 Model validation 

Clinical studies indicate that nearly 9 0 % of the wear particles found in artificial 

joints in vivo are less than 1 p m, with the average size of about 0.5// m [122]. In some 

cases, these particles may be much larger since they can result from delamination wear 

[122]. Results from laboratory investigations using a hip simulator, conducted by 

Affatato et al. [124], showed that the fibrillar particles were approximately 10// m long 

and 5 // m wide. Rounded granule smooth particles ranged from approximately 0.2 to 

0.4 // m in diameter, elongated particles were approximately 25 p m long and less than 

0.2//m wide, while small granular particles ranged from 0.2 pm to several 

micrometers in major dimension [115]. Occasionally larger particles with a more 

irregular shape, ranging from few to several micrometers, were also found [124]. 

Submicron wear particles of spherical shape have also been reported [123, 126, 134]. 

Unlike typical laboratory hip joint simulators, which employ lubrication of the 

articulating interfaces, the experiments conducted in this study were performed under 

dry (unlubricated) sliding contact conditions. The size of the wear particles obtained 

varied from submicron to several hundred micrometres. Quantitatively, the majority of 

the wear particles were submicron-sized. The examination of the SEM images of wear 

particles obtained from the tests has revealed that the particles obtained after 0.864 -

1.73 million cycles generally exhibited thin flake-like morphology. Occasionally, large 

and small granular-like particles were also found. The size and morphology of wear 

particles collected during the experiments were in good agreement with wear particle 

morphology and size predicted from the FEM analyses (Paper II and III) [101, 115]. 

61 



As the dry contact between U H M W P E and CoCr surfaces was assumed in the model 

developed the same conditions were simulated experimentally using a hip joint 

simulator, i.e. during the experiments unlubricated conditions were applied. It was 

observed that the dimensions of a wear particle estimated from the FEM analysis, using 

an asperity contact model with a friction coefficient of p =0.2 (representing dry sliding 

contact) were in a good agreement with wear particle characteristics obtained from the 

hip simulator experiments under a dry sliding contact conditions. Therefore, a similar 

correlation might be expected between wear particle morphology (size and shape) 

predicted by the finite element model with a lower friction coefficient, for example of 

// = 0.07, and morphology of wear particles generated during the laboratory 

experiments under lubricated sliding conditions. The wear particle size predicted by the 

developed asperity contact model using friction coefficient of 0.07 was within the range 

sizes of particles reported in the literature [129, 135]. 

It should be stated that simplified assumptions on contact geometry, boundary 

conditions and material's physical and mechanical properties could limit the accurate 

prediction of wear particle size from the two-dimensional finite element developed and 

further work is needed to refine this analysis. 
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CHAPTER 5 

Conclusion 

5.1 THESIS SUMMARY 

Idealized 2D FEM analysis of the sliding contact using thermal-displacement 

coupled models in both macro- and micro-scales for T H R s have been developed. In the 

macro-scale model, a number of parameters i.e. friction coefficient, sliding contact 

speed, femoral head material and radial clearance were used to compare effects on 

stresses, strains and temperature rise in the U H M W P E cup region. Additionally, in the 

micro-scale model, i.e. an asperity sliding contact model, the effect of relative friction 

coefficient between two contacting surfaces on the von Mises stress, equivalent plastic 

strain and heat flux within the softer U H M W P E asperity were investigated. To predict 

the possible wear particle size and shape from the asperity contact model, both plastic 

strain and heat flux discontinuity algorithms were used. To validate wear particle 

morphology (size and shape), laboratory experiments have been also conducted. 

The FEM simulation and the laboratory experiment results obtained for the total hip 

prosthesis model have demonstrated: 

In the macro-scale FEM model of THRs: 

• The friction coefficient has a significant effect on the cup surface shear stress 

and temperature rise. 

• The sliding speed affects the temperature rise at the contacting surfaces, and the 

resulting thermal expansion influences the stress distribution in the cup. 
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• The head material type used in the T H R model has a small influence on the 

change of accumulated shear stress distribution, however, it has a considerable 

effect on the temperature rise at the cup surface. 

• The radial clearance has an important effect on the surface shear stress 

distribution at the cup surface; the lower the radial clearance the increase in 

contact area, thus reducing the contact stress at the bearing surface. 

In the micro-scale FEM model of THRs: 

• The FEM simulation results confirmed that the friction coefficient has a 

significant effect on the stress and strain state occurring between the contacting 

asperities, as well as on the area subjected to higher stress and strain states. 

• The friction coefficient and the magnitude of applied load affect the positions of 

maximum plastic strain and von Mises stress. As the friction coefficient and 

sliding contact force increase, the maximum von Mises stress and plastic strain 

move closer to the surface. 

• The highest value in the von Mises stress field changes its geometric position as 

the sliding distance ofthe harder asperity moves across the softer one. 

• The highest values of the equivalent plastic strain for both friction coefficients 

of 0.07 and 0.2 accumulate in regions along a line parallel to the surface and a 

distance in the order of microns from the surface. 

• The magnitude and direction of the heat flux vector developed during sliding 

contact has been used to determine the propagation direction of cracks. The 

direction of the heat flux vectors near the contact region tend to diverge, but 

they become parallel as the distance from the contact region is increased. 
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Material failure propagation paths have been predicted by examining the 

distribution of accumulated heat flux discontinuities in the softer asperity during 

sliding contact. 

The proposed asperity contact model has allowed for the examination of 

material, mechanical and thermal responses under loaded sliding contacts, and to 

study the wear mechanisms involved in wear particle generation. 

Both the accumulated heat flux and plastic strain discontinuities may be used in 

the finite element model to predict the crack initiation, propagation paths, and 

subsequently wear particle formation. 

The dimensions of wear particles estimated from the finite element analysis 

using an asperity contact model with a friction coefficient of p-0.2 

(representing dry sliding contact) are in a good agreement with wear particle 

characteristics obtained from the experiments under a dry sliding contact 

condition. 

The finite element model, when fully developed, may be used in predicting the 

wear behaviour of polymers in THRs. 

The results obtained from the model are useful in understanding the causes of 

wear in the hip prosthesis. They may contribute to our understanding of contact 

conditions and overall joint performance. 
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5.2 SUGGESTIONS FOR FUTURE WORK 

The studies described in this thesis have made some advances in the FEM study 

of material, mechanical and thermal responses, and subsequently wear within the THR 

bearing surfaces under loaded contact together with sliding friction. The work is far 

from to be completed and the suggestions for further work are shown below. 

• As the bearing components ofthe THR have been used for more active patients, 

the selection of material combinations for the THR is crucial to determine the 

their thermomechanical material characteristics. This may be conducted through 

a study into the influence of friction, thermal properties (thermal conductivity), 

applied loading and sliding contact speed on the temperature rise and contact 

stresses. 

• Examination of the effect of material thermal properties, especially thermal 

conductivity, under the conditions of loaded contact and sliding friction on the 

temperature rise and contact stress at the bearing interface materials of THR 

components. 

• Investigation of the effect of loading variation during sliding contact on the 

temperature rise and distribution characteristics at both the surface and 

subsurface, allowing for the effect of separation between the femoral head and 

acetabular components of a THR. 

• Investigation of the acetabular cup thickness and femoral head size on stress 

distribution under loaded sliding contact in bearing components of a THR. 

• Implementing the contact temperature measurements which can be used in 

refining and validation ofthe FEM model proposed. 

• Extend the micro-scale asperity contact model by using different asperity size. 
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• Implementing the of creep behaviour of the U H M W P E in the finite element 

model. 

• Extending the discontinuity concept for the macro-scale FEM model of THR as 

this could be useful in studies of the material responses toward loaded contact 

and sliding friction 
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Table 4.1: Typical U H M W P E wear particles resulting from ex planted and laboratory 
investigation found in the literature 

Authors Year 

Affatato et 
al.[124] 

2001 

Description 

The U H M W P E wear 
particles obtained from 
U H M W P E / 8 0 Z couple. The 
size of U H M W P E wear 

particles ranges from 200 -

300 mpm. Consists mainly 

smaller flat particles 

Rounded particles of about 

6 // m in diameter, resulting 

from bonded submicron 
debris. Smaller wear particle 

as small as 0.2 pm were also 

present. 

Large shard particles up to 

90 p m, formed by folded 

sheet-like particles. 

From U H M W P E cup/60Z 
head couple the wear 
particles were generally in 
the form of thin sheets 

approximately 10-15 p m, 

slightly curled and folded. 
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Table 4.1: Cont. 

Authors 

Affatato et 
al. [136] 

Year 

2003 

Affatato et 
al. [137] 

2004 

Description 

From the U H M W P E cup/60Z 
head couple, the wear 
particles were generally in 
the form of thin sheets 
approximately 10-15//m, 

slightly curled and folded. 

Elongated particles. 

Fibrillar particle with 

approximately 10//m long 

and 5 p m wide. 

Irregular shaped particles 
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Table 4.1: Cont. 

Authors 

Bernard et 

al. [138] 

Elfick et al. 
[139] 

Galvin, et al. 
[140] 

Year 

2005 -

2001 

2005 

Images 
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(L) 

Description 

Similar morphology and size 
distribution of wear particles 
obtained from both surgical 
biopsies and in vitro results. 

The in vivo wear particles 
had median particle sizes 

- (range) of 0.62- 19.80//m 

The in vitro wear particles 
isolated had median sizes 
ranging from of 0.60 -

16.86//m. 

Typical U H M W P E wear 
particle obtained from mature 
prostheses. The median 
particle sizes is in the range 

of0.3-0.8//m 

Typical wear particles 
isolated from the serum 
lubricant obtained from a 
multi-directional pin on plate 
wear simulator. The wear 
particles are of nanometre 
and sub micrometer sized 
granules. 



Table 4.1: Cont. 

Authors 

Ingram et 
al.[141] 

Ries et al. 
[142] 

j 

Scot, et 
al.[143] 

Year 

2004 

2001 

2001 

Images 
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(O) 
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(P) 

Description 

Wear particles of non-cross-
linked U H M W P E produced 
from sliding contact against 
smooth stainless-steel 
counterface 

Predominant particle 
morphology was round in 
shape and sub-micrometer in 
size. Elongated fibrils 2 to 5 
p m in length were also 
present. 

Most ofthe particles were 
rounded and sub-micrometer 
in size. 

The wear particles were 
predominantly submicron and 
round in appearance. 

Elongated fibrils of 3-10// m 

in length were occasionally 
observed 
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Table 4.1: Cont. 

Authors Year 

Tipper, et 
al.[144] 

2001 

Description 

U H M W P E wear particles 
generated from the zircon ia 
ceramic-on-UHMWPE 

prostheses in the hip 
simulator. Sub-micrometer 

granules of U H M W P E 

ranging from 0.1 P- 0.5 pm 

The U H M W P E wear 
particles flakes in excess of 
50 pm. 

Large flakes-like particle 

with about 20 // m wide. 

Visentin, et 
al. [145] 

2004 

Wear particle are more often 
spherical with an irregularly 
textured surface. The particle 
in the centre has 3.5 // m 

length, beads, spherical 

particles 1-3pm in diameter 

with an irregularly textured 
surface 
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(b) found from the literature (Liao et, al. [146]); 

Figure 4.8 Optical image of (a) unworn femoral head surface; (b) film transfer of 

the UHMWPE on worn femoral head surface obtained from laboratory 

experiments after 2.6 million cycles (under a dry sliding condition); 

Figure 4.9 SEM images ofthe UHMWPE wear particles obtained from laboratory 

experiments with maximal sliding distance of 0.864 million cycles. The 

shape of wear particles produced are mainly sheet-like particle; 

Figure 4.10 SEM Images ofthe UHMWPE wear particles obtained from laboratory 

experiments with maximal sliding distance of 1.73 million cycles, (a, b, 

d) thin sheet-like particles; (c) fibril-like particle; (e) Thin sheet- + 

ribbon-like particle; 



Figure 4.11 S E M Images of clustered granular shaped U H M W P E particles obtained 

from laboratory experiments with maximal sliding distance of 1.73 

million; 

Figure 4.12 SEM Images ofthe UHMWPE wear particles obtained from laboratory 

experiments with maximal sliding distance of 2.59 million cycles (a) 

roll-like particle; (b) & (e) block-like particle; (c) & (f) roll-like or block

like particle (d) fibril- + block-like particle; 

Figure 4.13 Stress distribution in (a) a 3-D test rig system and (b) a 2-D test rig 

system; 

Figure 4.14 Stress distribution in (a) a 3-D model and (b) a 2-D model ofthe 

acetabular cup; 

Figure 4.15 Total deformation in (a) a 3-D model and (b) a 2-D model ofthe 

acetabular cup; 

Figure 4.16 Predicted temperature rise at the UHMWPE articulating surface; 

Figure 4.17 The evolution of equivalent plastic strain discontinuities in the ultra-high 

molecular polyethylene (UHMWPE) asperity subsurface with friction 

coefficient of 0.07 and sliding speed of 0.2 ms"1; 

Figure 4.18 The evolution of equivalent plastic strain discontinuities in the ultra-high 

molecular polyethylene (UHMWPE) asperity subsurface with friction 

coefficient of 0.2 and sliding speed of 0.2 ms"1; 

Figure 4.19 Illustration of predicted crack initiation and crack propagation paths 

generated under friction coefficient of 0.07 with sliding speed of 0.2 

m.s"1; 

Figure 4.20 Illustration of predicted crack initiation and crack propagation paths 

generated under friction coefficient of 0.2 with sliding speed of 0.2 m.s"1. 
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Machining marks 

t* 

0.2 m m 

Figure 4.1: An optical image of unworn cup liner 



Figure 4.2: Showing cup detailing 3 regions of wear sampling corresponding to low, median and 

maximum stress distribution 
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(e) (fT 
Figure 4.3: Optical images of worn U H M W P E cup liner after sliding distance of 0.864 million 

cycles at: (a) - (b) marked " Slow "; (c) - (d) marked " Smed "; (e) - (f) marked " Smax " 

regions. 
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Figure 4.4: Optical images of worn U H M W P E cup liner after sliding distance of 1.73 million cycles 

at the marked " S/ow " region 

~W~ (d) 
Figure 4.5: Optical images of worn U H M W P E cup liner after sliding distance of 1.73 million cycles 

at the marked " Smed " region 



(e) (f) 
Figure 4.6: Optical images of worn U H M W P E cup liner after sliding distance of: (a) - (b) 1.73 

million cycles; (c) - (f) 2.6 million cycles, at the marked " Smax " region 

98 



mv& 

rim-zL 

. mm^SSKi 

«tai6«*? 

Figure 4.7: Optical images of worn cup surface (a) obtained from the simulation test; (b) found 

from the literature (Liao et, al. [146]) 
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Figure 4.8: Optical image of (a) unworn femoral head surface; (b) film transfer of the U H M W P E 

on worn femoral head surface obtained from laboratory experiments after 2.6 million 

cycles (under a dry sliding condition) 



Figure 4.9: S E M images of the U H M W P E wear particles obtained from laboratory experiments 

with maximal sliding distance of 0.864 million cycles. The shape of wear particles 

produced are mainly sheet-like particle. 

101 



Figure 4.10: S E M Images ofthe U H M W P E wear particles obtained from laboratory experiments 
with maximal sliding distance of 1.73 million cycles, (a, b, d) thin sheet-like particles; 
(c) fibril-like particle; (e) Thin sheet- + ribbon-like particle 
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100 mn 

Figure 4.11: S E M Images of clustered granular shaped U H M W P E particles obtained from 

laboratory experiments with maximal sliding distance of 1.73 million 
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Figure 4.12: S E M Images ofthe U H M W P E wear particles obtained from laboratory experiments 

with maximal sliding distance of 2.59 million cycles (a) roll-like particle; (b) & (e) 

block-like particle; (c) & (f) roll-like or block-like particle (d) fibril- + block-like 

particle 
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(b) 

Figure 4.13: Stress distribution in (a) a 3-D test rig system and (b) a 2-D test rig system 
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0.00 11.20 22.41 33.61 (mm) Y^V-I 

(b) 

Figure 4.14: Stress distribution in (a) a 3-D model and (b) a 2-D model ofthe acetabular cup 
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Figure 4.15: Total deformation in (a) a 3-D model and (b) a 2-D model ofthe acetabular cup 
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Figure 4.17: T h e evolution of equivalent plastic strain discontinuities in the ultra-high molecular 

polyethylene (UHMWPE) asperity subsurface with friction coefficient of 0.07 and sliding 

speed of 0.2 ms'1 

109 



Equiv. plastic strain 
(Discontinuities) 

+5.364e-02 
+4.470 e-02 
+3.576 e-02 
+2.682e-02 
+1.788 e-02 
+8.940 e-03 
+0.000 e+00 

Equiv. plastic strain 
(Discontinuities) 

+7.669e-02 
+6.391 e-02 
+5.1136-02 
+3.835 e-02 
+2.556 e-02 
+1.278 e-02 
+0.000 e+00 

Equiv. plastic strain 
(Discontinuities) 

+1.1786-01 
+9.815 e-02 
+7.852 e-02 
+5.889 e-02 
+3.926e-02 
+1.963 e-02 
+0.000 e+00 

M a x strain discontinuities 
CoCr alloy 

. plastic strain 
continuities) 
+2.649e-01 
+2.2076-01 
+1.766 6-01 
+1.3246-01 
+8.829 e-02 
+4.414e-02 
+0.000 e+00 

UHMWPE 
Sliding distance of 2.25 (am 

Figure 4.18: The evolution of equivalent plastic strain discontinuities in the ultra-high molecular 
polyethylene ( U H M W P E ) asperity subsurface with friction coefficient of 0.2 and 
sliding speed of 0.2 ms'1 
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Sliding direction of 
the harder surface 

Figure 4.19: Illustration of predicted crack initiation and crack propagation paths generated 

under friction coefficient of 0.07 with sliding speed of 0.2 m.s'1 



Q 

Estimated crack propagation 
paths 

Sliding direction of 
the harder surface 
asperity 

¥ 

Figure 4.20: Illustration of predicted crack initiation and crack propagation paths generated 

under friction coefficient of 0.2 with sliding speed of 0.2 m.s'1 
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sliding contact analysis of total hip joint prosthesis 
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Paper I 
Temperature prediction in a finite element 
model for sliding contact analysis of total hip 

joint prosthesis 

N. Suhendra, G.W. Stachowiak 

Journal of Engineering in Medicine 
Proceedings of the Institution of Mechanical Engineers Part H 

2004: Volume ; Issue Page 

Abstract 

A finite element model for sliding contact in total hip joint prosthesis is presented in 

this paper. The hip prosthesis studied consists of an ultra-high molecular weight 

polyethylene (UHMWPE) acetabular cup articulating against cobalt-chrome and 

alumina ceramic femoral heads. Various aspects of prosthesis operation were analysed 

using the finite element model. For example, bulk material and surface stresses were 

analysed under varying conditions of elastic modulus, friction coefficient, sliding speed 

and radial clearance. The resulting variations of temperature were also recorded. The 

results obtained from the model are useful in understanding the operating conditions 

and the causes of wear in the hip prosthesis. 

Keywords: Finite Element Method, hip joint, sliding contact, sliding speed, 

temperature, shear stress 

114 



NOTATIONS 

Ci, C2 constant parameters; 

hoc, overclosure; 

P normal pressure (contact pressure); 

Qc heat flux due to conduction; 

Qie heat flux density; 

Qr heat flux due to radiation; 

Ti, T2 Temperature on side 1 and 2 ofthe interface; 

Ta absolute zero on the temperature scale used; 

f average temperature, f = \ (TX + T2); 

As incremental slip; 

At incremental time; 

ij heat fraction; 

K heat transfer coefficient; 

p coefficient of friction; 

r interface shear stress; 

req equivalent friction stress, req = TJTX + rf ; 

r, ,r3 friction stresses in tangential direction ofthe contacting surface; 

Tcril critical stress, rcril = JJP ; 

Ws the normal load acting in the two spheres [N]; 

E' the reduced Young's modulus [Pa]; 

R 's the reduced radius for the contact between two spheres [m]; 

WQ the normal load acting in the two parallel cylinders [N]; 



L the half-length ofthe contact rectangle [m]; 

b the half width of the contact rectangle [m]; 

5 maximum deflection of two bodies in contact; 

RA and RB the radii of cylinders 'A' and 'B' respectively; 

vA and vB the Poisson's ratios ofthe contacting bodies 'A' and 'B' respectively; 

EA and EB the Young's moduli ofthe contacting bodies 'A' and 'B' respectively. 



1. INTRODUCTION 

This paper presents a computational model ofthe sliding contact in total hip joint 

replacement using the finite element method. The model permits analysis of the stress 

distribution and temperature rise at the bearing surface resulting from different 

configurations of parameters such as the coefficient of friction, and femoral head 

mechanical and thermal properties. 

It is well known that, in order to prevent structural failure and extreme wear of the 

contacting surfaces, contact stress should be reduced as much as possible. This can be 

achieved, for example, by reducing friction, and increasing contact area [1]. 

In addition to model simulations, physical experiments conducted in the laboratory 

using the hip joint simulator are indispensable for understanding contact joint 

behaviour. Previous investigations [2, 3] have demonstrated that wear particle 

generation is dependent on bearing surface roughness and the accumulation of wear 

debris. Results obtained from experiments conducted by Saikko et al. [2] using hip joint 

simulators, indicate that wear particle size and shape are strongly influenced by 

simulation conditions such as motion type, sliding velocity, stresses, and lubricant 

properties. In addition, Tipper et al. [3] have demonstrated the effect of prosthesis 

configuration on wear volume and particle size. Meanwhile De Pellegrin and 

Stachowiak [4] found that abrasive particle size strongly affects the rate of abrasive 

wear. It is evident that wear particle size and shape are strongly influenced by the wear 

mechanism and contact stresses, and concurrently, the particle size controls the rate of 

wear. 
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It is difficult to determine the contact stresses in a hip joint simulator [5]; a 

computational model resolves this problem and is therefore of practical value during the 

design process. The computational model is a useful tool that permits evaluation and 

refinement of designs before manufacture [5]. 

The model developed in this work is used to investigate the surface shear stress 

evolution together with the internal shear stress, material deformation and temperature 

change during sliding. Apart from the indentation process the model also incorporates 

sliding contact occurring between the head and the cup bearing surfaces. Sliding 

between the head and cup was continually applied during the simulation. 

3-D simulations addressing some of the problems in total hip replacement prostheses 

were reported [6-9]. The purpose of this work is to obtain a comprehensive view ofthe 

operating conditions in a total hip replacement joint. As the number and the range of 

parameters considered in this work was quite extensive a simpler, 2-D model, was 

adopted in this initial analysis. 
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2. MODEL DEVELOPMENT 

2.1 Model Geometry 

The geometrical model of a hip implant consisting of a ball and acetabular cup 

is schematically illustrated in Figure A.l. The cross-section ofthe cup, modelled with 

four-noded plane strain elements is shown in Figure A.2. The acetabular cup has a 

nominal inner and outer radius of 15.0 and 25.0 mm respectively. The modelled femoral 

head radius is 14.9 mm, and the radial clearance is 0.1 mm. The mesh density ofthe 

acetabular cup increases to a maximum at the contacting surface. 

A commercial FEM package (MSC PATRAN version 2001) was used to develop the 

solid model and pre-process both the acetabular cup and femoral head components. The 

ABAQUS FEM package (version 6.2, HKS Inc. U.S) was used to perform the 

simulation. 

It was assumed that the frictional heat generated in the sliding contact is conducted into 

both the cup and head. To simplify the visualization, but not analysis procedure, only 

heat transfer that occurs in the acetabular cup is shown while heat flow in the femoral 

head is not shown. The friction coefficient was assumed to be constant and independent 

of the sliding speed and temperature rise, in accordance with the Coulomb model. The 

increase of temperature in the acetabular cup is due to the contact pressure and friction 

present during sliding. Various magnitudes of friction coefficients ranging from 0.01 -

0.3 have been investigated [10, 11]. The values of friction coefficients used in the 

present model were 0.01, 0.03, 0.05, 0.1, 0.2, 0.3 and 0.4. 
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2.2 Material Model 

The material mechanical and thermal characteristics used in the finite element 

analysis are shown in Tables A.l and A.2 respectively. The materials listed are typical 

of those used in commercial total joint prostheses, e.g. UHMWPE, CoCrMo alloy, and 

alumina. The material properties have been assumed to be temperature-independent. 

Two combination of materials were investigated, i.e. UHMWPE-CoCrMo Alloy and 

UHMWPE-Alumina to observe the effect of material properties on stress and 

temperature. 

2.3 Interface Contact Model 

To describe the relationship between the normal pressure P and interfacial shear 

stress r in the contact zone, the Coulomb friction law has been used [12]. The standard 

Coulomb friction model assumes that no relative motion occurs if the equivalent 

friction stress r = ^rx + T\ is less than the critical stress, rcrU., where T\ and TT, are 

orthogonal friction stresses acting tangentially on the contacting surface, and rm, is in 

the form [12]: 

Tcn,=MP (A.l) 

where p is the friction coefficient and P is the contact pressure. 
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A Coulomb friction model, was assumed to apply at the contact between the femoral 

head and the acetabular cup liner. The coupled thermal-displacement analysis was used 

in this study to define the conversion of friction dissipation to heat in the model 

developed [12]. The inelastic heat fraction determines the fraction of the energy 

dissipated during frictional slip that enters the contacting bodies as heat [13]. The 

coupled thermal-displacement (non-adiabatic) analysis permits the heat fraction, TJ, 

which determines the fraction of the energy dissipated during frictional slip to enter the 

contacting bodies as heat. Heat is immediately conducted into each of the contacting 

bodies depending on the value of rj. It was assumed that the contact interface has no 

heat capacity but has properties for the exchange of heat by conduction and radiation. 

The heat flux density generated by the interface element due to frictional heat 

generation is written as [12]: 

& =*•'•£ (A-2) 
At 

where TJ is the heat fraction, As and At are the incremental slip and the incremental time 

respectively. The heat flux due to conduction is assumed to be in the form: 

Qc = K(hoc,P,TXTx-T2) = K(hoc,P,T)AT (A 3) 

where the heat transfer coefficient ic(h0C,P,T) is a function ofthe average temperature at 

the contact point, f = J(TX + T2), the overclosure, hoc, and the contact pressure, P. In 

addition, Ti and T2 are the temperatures of side 1 and 2 respectively. 
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2.4 Boundary and Loading Conditions 

Regarding the wear behaviour of total hip prostheses, Calonius et al. [14] 

investigated slide tracks in relative motion between femoral head and acetabular cup. 

From this investigation it was found that the head track pattern in the case with moving 

head was identical to the cup track in the case with moving cup. Therefore, it seems that 

fixing the cup in space and moving the head should give similar results as in the case 

with fixed head and moving the cup. However, this issue will be investigated in detail 

in future work. 

The schematic diagram ofthe hip joint prosthesis model is illustrated in Figure A.3. The 

two-dimensional plane strain model presented consists of a circular head and a cup. At 

the beginning of the simulation, a small displacement was applied to establish full 

contact between the cup and head. This avoids instabilities that would otherwise arise if 

the force was applied without contact/ equilibrium having been established first. 

The head is allowed to move in x- and y- directions and to rotate about z-axis; while the 

cup is rigidly fixed along its curved outer edge (Figure A.3). The simulation is 

composed of nine steps. In the first six steps, a displacement is applied to the femoral 

head reference node at 45° to the vertical, as shown in Figure A.3. The load used in the 

simulation similar to the load mode of the cyclic nature of gait from experimental 

results presented by Bergmann et al. [15]. The illustration of load mode acting in the 

hip joint system during walking is presented in Figure A.4 [15]. The load at the end of 

the step is 1050 N, this is constant during the remainder ofthe simulation. 
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The loads acting in the hip joint prosthesis model were obtained from prescribed 

displacements by actuating the femoral head toward the acetabular cup bearing surface. 

The 2-D contact model between the femoral head and the acetabular cup can be 

considered as the contact of two parallel cylinders. The determination of the size and 

shape of the contact area as well as the distribution of normal pressure and the 

maximum deflection at the centre of the contacting surface was the first step taken 

toward the solution of this problem. 

Assuming that deformations occurring the femoral head and the acetabular cup 

modelled in this study did not exceed the elastic limit, Hertz's formulae can be used to 

calculate contact parameters in the case for the contact of two parallel cylinders used in 

the model, the contact area, is a narrow rectangular with a width of 2b and length 2L, as 

illustrated in Figure A.5, where 2b is the contact width and 2L is the length of cylinders 

in contact [16]. 

In case of contact between two parallel cylinders used in the model the contact area is a 

narrow rectangle of the dimension 2b x 2L, as illustrated in Figure A.5. Maximum 

deflection, caused by the load W acting in the direction perpendicular to a tangent plane 

through the contact area, depends on the geometry of contacting bodies and material 

properties [16]. The maximum load used in the 2-D model developed was 1050 N. In 

real hip, ball-on-socket, joints this value corresponds to 2767 N which is equivalent to 

about four times body weight (BW) occurring during walking. This value was 

calculated by comparing the deflection equations for contact between two cylinders and 

two spheres. The maximum deflection for the two spheres in contact is given by: 
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where: 

Ws is the normal load acting in the two spheres [N]; 

E' is the reduced Young's modulus [Pa]; 

R 's is the reduced radius for the contact between two spheres [m]; 

UA and VB are the Poisson's ratios of the contacting bodies 'A' and 'B' 

respectively; 

EA and EB are the Young's moduli of the contacting bodies 'A' and 'B' 

respectively. 

while the maximum deflection for the two cylinders in contact is given by: 

£ = 0.319 

where: 

\E'l) 3 I b2 
(A.5) 

Wc is the normal load acting in the two parallel cylinders [N]; 

L is the half-length ofthe contact rectangle [m]; 

b is the half length ofthe contact rectangle [m]; 

RA and RB are the radii ofthe cylinder 'A' and 'B' respectively. 

Assuming that the maximum deflections for these two cases are equal yields the 



relationship between normal load acting between two spheres and two cylinders, i.e.: 

WS=M{A.WC)
3'2 (A.6) 

where: 

, 0.3068 \2 . (4.RA.RB\ 
A = .- + ln —=r-s- ; 

EL \l \ b2 J] 

B = E'2.R'S 

The length of contacting cylinders in 2-D model is 1.0 mm. 

At the seventh step of the simulation, the circular head begins to rotate anticlockwise. 

Within this step, the head's rotational speed increases gradually from 0 to 3.14 rad/s in 

5 minutes. The rotational speed increases to 13.4228 rad/s within another 5 minutes in 

the eighth step. In the ninth and final step, the load and the sliding speed are kept 

constant for 180 minutes. Six different sliding speeds were considered with the same 

friction coefficient and loading. The initial temperatures of all nodes in the acetabular 

cup and the femoral head were set at 37°C. 

125 



3 RESULTS AND DISCUSSION 

To examine the effect of friction coefficient on mechanical and thermal 

parameters, a Coulomb friction model was used at the interface between contacting 

elements. Seven different friction coefficient values were used (0.01, 0.03, 0.05, 0.1, 

0.2, 0.3, and 0.4) in the analysis. The resulting shear stress distribution and temperature 

rise due to loaded sliding and contact force were calculated. 

3.1 Effect of the Friction Coefficient on Contact Stresses 

The observation of the surface shear stress distribution at the cup liner helps to 

understand the response of material (cup component) to the sliding contact force. From 

this result, the regions most likely to fail mechanically can be identified. The typical 

tangential shear stress generated as the result of sliding and contact force acting along 

the cup's surface is shown in Figure A.6. The surface shear stress was obtained from 

seven different simulations, with seven different friction coefficients (see Section 2.3), 

under following conditions: contact force of 1050 N, inclined direction of -45°, and 

sliding speed of 0.2 m/s, as shown in Figure A.7. 

It can be seen from Figure A.7 that the friction coefficient has a significant effect on 

surface shear stress. The most severe region, with respect to the surface shear stress, 

occurs at position between -36° and -18°. It has been reported that the increase in shear 

stress acting at the interface, arising from increased friction, has an important effect on 

crack formation and subsequent surface failure of UHMWPE [17, 18]. 
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To evaluate the bulk stress distribution under normal contact pressure in a two-

dimensional model of the acetabular cup component, the von Mises stresses shown in 

Figure A.8 were examined. The von Mises stress distribution was generated under the 

following conditions: load, F= 1050 N, friction coefficient, p = 0.3, rotation velocity, co 

= 0 rad/s. Regions marked 'A', 'B', and 'D' (Figure A.8) are the most severely stressed 

regions. It is interesting to note that at the region marked 'C, the von Mises stress is 

lower than that in the regions marked 'B' and 'D'. Stress fields in region B and D were 

thought to be dominated by the tensile stress; while the stress occurring in region C is 

dominated by compressive stress. The stress distribution in B and D regions is mainly 

due to the high coefficient of friction used in the simulation. 

3.2 Friction Coefficient Effects on Temperature Rise 

The temperature rise for various friction coefficients was examined. Typical 

temperature contour generated due to the sliding contact between CoCrMo head and 

UHMWPE cup bearing surfaces, under conditions: frictional coefficient of p= 0.1, with 

angular speed of 13.4228 rad/s (or relative surface speed v = 0.2 m/s), are shown in 

Figure A.9. The results shown in Figure A.9 were obtained after a period of 10 minutes 

calculated from the beginning of sliding, and correspond to a sliding distance of 120 m. 

The temperature at the cup's contacting surface increased by 4.9°C from the initial 

temperature of 37°C. 

The temperature variation on the acetabular cup surface at Element 4103 (angular 

position of-45°), for three different friction coefficients is shown in Figure A. 10. The 

sliding speed, and external load used in the calculations were 0.2 m/s and 1050 N 
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respectively. It can be seen from Figure A. 10, that at higher friction coefficient, and 

increased sliding distance, a greater amount of heat was generated, which results in 

higher temperature gradient. 

3.3 Effect of sliding speed on stress 

Six different sliding speeds were modelled to examine their effect on the shear 

stress at acetabular cup's surface. A constant load of 1050 N and friction coefficient of 

0.3 were used in all tests. The relationship between surface shear stress and sliding 

speed at various angular positions along the acetabular cup surface is shown in Figure 

A.ll. It can be seen from Figure A.ll, that the variation of stress along the acetabular 

cup surface does not change much with sliding speed. The results for all speeds are 

similar as expected given that the tangential surface stress is independent of sliding 

speed, as indicated in equation (A.l). 

The von Mises equivalent stress at the centre region ofthe cup's contacting surface, i.e. 

Element 4130 at angular position of 45°, was investigated. After the maximum load of 

1050 N (in the 31st minute) was achieved, the head began to rotate. The angular speeds 

investigated and the results obtained are shown in Figure A. 12, where it can be seen 

that, as sliding progresses and surface temperature rises, the von Mises stress is 

reduced. Since the stress decreases with increasing temperature, it follows that the only 

material property that could cause this effect is the coefficient of thermal expansion, 

given that all other properties are not temperature dependent. It is observed from the 

finite element model results that the contact-sliding speed in a high friction coefficient 

(dry sliding) environment has a significant effect on stress at the surface of the 
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acetabular cup component. In this study, it was assumed that friction and material 

properties are not temperature or time dependent. The thermal expansion causes the 

surface elements to be compressed in all directions thus reducing the von Mises stress. 

It is also interesting to observe the behaviour of the von Mises stress occurring in the 

cup subsurface. The von Mises stresses, when the head rotates with angular speed of 

3.14 rad/s, are shown in Figure A. 13. By comparing this to the distribution of stress 

inside the cup shown in Figure A. 8 (Section 3.1), it can be seen that the stress 

distribution changes with sliding. The most severely stressed region is around region B' 

(Figure A. 13) where the sliding contact occurs. 

The von Mises stress distribution, shown in Figure A. 14, describes how the distribution 

pattern of stress changes as the sliding speed increases. The angular speed applied was 

13.4228 rad/s. Regions with higher stress distribution shift to other parts in the cup 

cross-section. As seen from Figure A. 13, the maximum stress is concentrated at Region 

B'. By increasing the sliding speed, the maximum stress shifts to Region A" as shown in 

Figure A.M. 

Due to surface temperature rise resulting from increased sliding speed and 

corresponding thermal expansion at contacting surface, the von Mises stress located in 

Region C" decreases from about 30 MPa (in Figure A. 13) to 23.9 MPa (in Figure 

A. 14), while the von Mises stress in region A" increases from 22.9 MPa to 32.5 MPa. 
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3.4 Sliding speed effects on temperature rise 

In order to understand the effect of sliding speed on the temperature rise at the 

contacting surface, the effect of different sliding speeds was also examined. As 

observed in Figure A. 15, sliding speed has a significant effect on surface temperature. 

During 15 minutes of sliding, the difference in maximum temperature reached at the 

higher (13.4228 rad/s or 0.2 m/s) and the lower (1.3423 rad/s or 0.02 m/s) sliding speeds 

is about 7°C. 

3.5 Femoral head material effects 

Two different materials (CoCrMo alloy and alumina) have been investigated in 

this model to determine their effect on the shear stress distribution at the acetabular cup 

bearing surface. It was found that the difference between elastic modulii (see Table 

A.l) ofthe head material has a small but significant effect on the shear stress at the 

contacting surface. The difference of stress at Element 4103, for the two different head 

materials, is about 0.2 MPa as shown in Figure A. 16. 

Moreover, it can be seen from Figure A. 17 that different femoral head materials have a 

small effect on temperature gradient. As time progresses the difference in temperature, 

for the two different materials, becomes more significant. 
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3.6 Radial clearance effects 

Finally, an attempt was made to investigate the effect of diameter/radial 

clearance on the surface shear stress distribution occurring at the acetabular cup 

component. The fit between the two articulating surfaces has been recognised to play a 

vital role in the wear process [19, 20]. The effect of clearance has been studied by 

varying the radial clearance as follows: 0.01, 0.02, 0.05, 0.07, 0.15, and 0.4. The lower 

radial clearance gives rise to contact pressure for the same load applied. With lower 

clearance, the contact area will increase resulting in a lower contact stress. A plot of 

maximum shear stress at the cup surface for different clearances is shown in Figure 

A.18. 

The results obtained are consistent with the view that any changes in the geometry of 

the hip prosthesis contact can significantly affect wear [16]. It has been found in this 

study, that radial clearance has a significant effect on the shear stress distribution along 

the cup liner. The larger contact area arising from smaller clearance results in lower 

maximum shear stress at the cup liner [21]. In addition, it was reported that as the radial 

clearance decreased, the proportion of surface separation per walking cycle generally 

increased [22]. 

The variation in radial clearance probably occurs when the ball wears into the cup. As 

the ball wears into the cup, the clearance will decrease resulting in decreased contact 

stress as shown in Figure A.18. Although the contact stress is reduced due to the 

decrease of clearance radius, wear in the polyethylene cup will still occur due to factors 

such as: femoral head finish, polymer stability and surgical technique used [23]. 
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From the investigation of friction coefficient effects on both shear stress and 

temperature rise, it can be concluded that the friction coefficient plays an important role 

in shear stress generation and temperature rise during sliding contact at the bearing 

interface. It was found that with a friction coefficient of 0.3 (typical of an unlubricated 

system) the surface shear stress and the temperature gradient generated are high. On the 

other hand, at lower coefficients of friction, which prevail in lubricated systems, the 

surface shear stress and temperature increase are much lower or may even be absent 

[16]. The elevated shear stress and temperature due to frictional contacts were found to 

affect the wear rate, fatigue, creep, and oxidative degradation of the ultra high 

molecular weight polyethylene (UHMWPE) liner [24]. 

4. CONCLUSIONS 

From the conducted study the following conclusions can be drawn: 

The friction coefficient imposed by the friction force has significant influence 

on the cup surface shear stress, and temperature increase; 

• The sliding speed has little effect on the surface shear stress; however, it 

affects the temperature increase at the contacting surfaces; and the resulting 

thermal expansion influences the stress distribution in the cup. 

The head material used in the total hip joint prosthesis model has a small but 

significant effect on the shear stress and the temperature rise at the cup 

surface; 

The radial clearance has an important effect on the surface shear stress 

distribution at the cup surface. 
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The results obtained from the model are useful in understanding the causes of 

wear in the hip prosthesis. They may contribute to our understanding of 

contact conditions and overall joint performance. 
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Table A.l: Mechanical characteristics of materials used in the finite element analysis [1, 25] 

Material 

UHMWPE 
(cup) [1] 
CoCrMo 
(head) [25] 
Alumina 
(head) [25] 

Elastic 
modulus 
(GPa) 

1.0 

208.0 

413.0 

'roperties 
Poisson 
ratio 

0.40 

0.30 

0.22 

Density 
(kg/m3) 

950 

7800 

3980 

Table A.2: Thermal characteristics of materials used in the finite element analysis [13, 25] 

Material 

UHMWPE 
(cup) [13] 
CoCrMo 
(head) [13] 
Alumina 
(head) [25] 

Properties 
Conductivity 
(J/m.s °C) 

0.5 

13.0 

20.0 

Specific 
Heat 

(J/kg°C) 
2100 

452 

885 

Expansion coefficient 
(1/°C) 

13.5x10-5 

5.8x10*6 

7.00x10-6 
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Figure A.6: Surface shear stress distribution along angular position ofthe cup's surface 
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surface with the angular position of -45°) for six different sliding speeds 

with a constant load of 1050 N. 
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Figure A.13: V o n Mises stress distribution on the acetabular cup cross-section at a 

constant load of 1050 N, and angular speed of 3.14 rad/s 
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Figure A. 16: Maximum shear stress plot at the cup surface for two different femoral head 

materials 
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Abstract 

The effect of sliding friction on the size of yielding region in the U H M W P E asperity in 

contact with metal was investigated. The main objective of this work was to gain an 

understanding of wear particle generation mechanism from the two-dimensional finite 

element model. To assess the influence of the parameters of interest, different friction 

coefficients and loading conditions were used in the numerical simulations. Results 

from the finite element analysis show that the increase ofthe yielding region is strongly 

influenced by the friction coefficient and the rise in the tangential force, which is related 

to the generation of wear particles. Finite element wear particle generation model, based 

on strain discontinuities, was therefore proposed. The results obtained in this study can 

lead to the development of an accurate finite element particle generation model that 

would be of use in the assessment of an artificial implant performance and their 

development. 

Keywords: asperity contact, finite element, hip joint, strain discontinuities, wear 

particle formation 
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NOMENCLATURES 

n : Normal vector 

S, : Discontinuity path 

u(r) : Displacement as a function of root, r 

W(x,t): Propagation direction 

*F(e)(0 : Vector of propagation direction at time, t and element, e 

Y : Yield point 

*s *s *& 

V : Spatial gradient V = — = — + — (in 2 D cases) 
dr dx dy 

e(r) : Strain as a function of root r 

Q : 2D entire body 

o~f : Flow stress 

o~Y '• Yield stress 

9 ; Asperity base angle 



1. INTRODUCTION 

Under healthy conditions, human joint performance is facilitated by low-friction 

articular cartilage bearing surfaces, which are conforming and self-regenerating [1-4]. 

When natural joints are severely damaged, e.g. due to osteoarthritis, they are often 

replaced by artificial implants. The most common material combinations used for 

articulating surfaces in a total hip joint implant are: metal - metal, metal - ultra high 

molecular weight polyethylene (UHMWPE), ceramic - ceramic and ceramic -

UHMWPE [1, 3, 5-7]. 

Some artificial hip joint designs utilizing a UHMWPE cup articulating against either 

metallic or ceramic heads, can last 20 years in the human body without failure [8]. 

However, there are several factors which affect the durability of the total hip joint 

prosthesis, one of which is bearing surface wear (and related phenomena). It is 

postulated that wear of the UHMWPE cup causes premature failure of hip joint 

prostheses [8, 9]. Wear debris from component materials was found to initiate the 

macrophage activation, which can lead to a cytochemical response, resulting in bone 

resorption around the prosthesis and subsequent aseptic loosening and early failure of 

the prosthesis [9-13]. 

Lancaster et al. [14] have reported that femoral head materials (metal and ceramic) with 

a similar surface roughness produce a similar wear rate of the acetabular cup material 

(UHMWPE). Based on this observation, it was suggested that under similar conditions 

such as number of cycles, load, stop to stop sequence and activity level, the harder 

counter-face roughness is the most important factor in both wear volume and the 

number of wear particles generated from the softer UHMWPE surfaces [14]. 
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It is believed that the wear volume alone is not the major controlling factor in the 

biological response to the presence of UHMWPE wear debris in vivo, but rather the 

concentration of wear particles within the critical size ranging from 0.2 - 0.8 pm [15]. 

Wear particles within the critical size range were found to be more influential, in the 

stimulus of cytokines than those outside the critical size [9, 11, 12]. 

Attempts to reduce wear in order to prevent bone resorption have been made by 

incorporating hard bearing surfaces, i.e. metal-on-metal and ceramic-on-ceramic 

prostheses [16]. Apart from the improvement in the lubricating quality ofthe joint, a 

reduction in sliding distance was also expected to be beneficial in minimizing the rate of 

volumetric wear. The use of a smaller, up to a certain value, femoral head radius was 

another solution suggested [17]. 

Processes contributing to wear of UHMWPE in total hip replacements (THR) are 

associated with surface features and the overall geometrical conformity of the mating 

components [3, 18, 19]. Therefore, it is important to understand the relationship 

between the microscopic wear mechanism, material properties such as: contact loading, 

surface roughness, etc. The loaded contact during sliding between two asperities can 

result in local elastic-plastic deformation, development and extension of microscopic 

cracks. 

In general, there are two approaches that are used in simulation studies of wear. 

Damage arising from a single, isolated asperity contact can be studied [20, 21], or 

alternatively the wear resulting from contacts between multiple asperities is considered 

[14, 22]. The first approach involves numerical modelling the movement of a hard 

asperity of known geometry over a specimen surface, resulting in wear, while the 
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second approach is mainly experimental, using specially prepared specimens and a 

tribometer, such as a joint simulator. 

Wear is usually evaluated by measuring weight or dimensional changes of the wearing 

surface. However, in implants with the polyethylene cups the effect of fluid absorption 

on the weight change of the UHMWPE component must be also taken under the 

account [23]. Such experiments give useful data on the relative wear resistance of 

materials and provide information on wear mechanisms occurring at the contacting 

surface. Information about wear mechanisms involved in generation of wear particles of 

particular sizes during articulation has been well documented [5, 22, 24-26]. However, 

details of the mechanisms by which particles separate from the parent material, caused 

by sliding contact in THR, are still being investigated. These processes are difficult to 

study in a laboratory environment, and consequently computer modelling must be used 

to advance our knowledge of such systems. The interlocking asperities of the 

UHMWPE surface and its harder counter-face (CoCr alloy surface) are modelled using 

a simple geometry so that deformation and stresses distribution, and their effects on 

failure and wear mechanisms of UHMWPE in THR, can be identified. 

In this work possible wear particle generation mechanisms in a UHMWPE cup in a total 

hip joint prosthesis under sliding conditions were investigated using a 2-D finite 

element computational model. The aim of the study conducted was to develop the 

model that could be used to predict the effects of load, geometry and material properties 

on the stress and strain distributions occurring within the structure of hip joint 

replacement components. Prediction of mechanisms involved in the formation of 

UHMWPE wear particles is ofthe main objective of this study. 
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2. METHODS 

2.1 Finite Element Geometrical Model 

A finite element model of the contact between two asperities has been 

developed. A contact between a single CoCr Alloy asperity (representing the femoral 

head) and a single UHMWPE asperity (representing the acetabular cup) in the 

interlocking position was modelled. The scale of the model is of the order of 

micrometer size. It was suggested by Fisher et al [27] that the real peak-to-valley 

height, Rt, of asperities on femoral heads are about 0.07 - 0.08 pm. However, average 

asperity size of the well finished head components is about 0.02 - 0.05 p m in height 

[3], with the average asperity slopes of less than one degree, while the size of 

UHMWPE asperities of a cup component range from 0.1 pm, measured from peak to 

valley, to several tens of micrometers [3]. In this work, both contacting surfaces, i.e. 

UHMWPE and CoCr alloy, initially were of the same surface roughness. Surface 

topography of both the harder femoral head and the softer acetabular cup components 

was modelled by triangular-shape asperities, as illustrated in Figure 1. The assumption 

of similar surface roughness allowed full interlocking contact between the two 

asperities to be modelled. 

As shown in Figure 1, it was assumed that each asperity side-face is in contact with a 

side-face of the matching asperity, i.e. forming a micro-scale asperity contact. The 

height ofthe asperities modelled was 0.08 pm with base angle of 8 = 2° (the asperity 

height to width ratio is 0.035). The values ofthe asperity slope, height and width were 

chosen with the aim to study the failure mechanisms affected by stresses and 

deformations during sliding contact, with geometrical dimensions being within the size 

range ofthe real head and cup asperities. Asperity base angle of 8 = 2° was used instead 
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of 8 = 1° or less in order to study the interlocking effect on the stress and strain changes 

in the softer asperity. 

For simplicity, a 2-D finite element model was used to simulate the asperity contact. 

The model was developed using a commercially available FEM package ABAQUS 

(version 6.3, HKS Inc. U.S.). The contacting asperities were modelled with four-noded 

plane strain elements as shown in Figure 2. 

2.2 Material Model 

Elastic-plastic material behaviour was proposed. It was assumed that the 

material starts to deform plastically when its yield point reached, i.e.ycry, as the 

material starts to flow plastically when its flow stress is reached, i.e. oy = -y-o> [28]. In 

the model proposed the values of plastic yield stress, true stress and true strain at the 

UHMWPE breaking point were set as 19 MPa, 185 MPa and 1.5 mm/mm, respectively 

[29]. The stress-strain curve for UHMWPE used in the finite element model is shown in 

Figure 3 [29], while the material characteristics are listed in Table 1 [30, 31]. 

2.3 Loading and Boundary Conditions 

The contact between the two surfaces was established first by moving the harder 

femoral head asperity in the vertical direction onto the fixed softer acetabular surface to 

give an initial load. The CoCr alloy femoral head asperity was then moved in the 

horizontal direction, sliding along the UHMWPE cup asperity with a speed of 0.2 ms"1. 

This sliding speed was used in the frictional characterization of explanted Charnley hip 
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prostheses [27]. The horizontal sliding results in the higher contact stress at the 

asperities shown in Figure 1, causing the softer asperity to change its behaviour from 

elastic through elastic-plastic to fully plastic. The horizontal displacement or sliding 

distance, used in the simulations, was chosen to ensure that the harder sliding asperity 

(CoCr alloy head) had completely passed over the softer fixed asperity (UHMWPE 

cup). The loading and boundary conditions in this model are set in such a manner that 

the tangential load intensifies as the sliding distance increases. The graph ofthe contact 

force changes occurring within the sliding contact is shown in Figure 4. 

The effect of friction coefficient was examined with values of 0.01, 0.02, 0.03 and 0.05 

used in this study. A friction coefficient of 0.03 was assumed to represent a sliding 

contact between CoCr Alloy and UHMWPE in a total hip joint replacement, reported by 

Chowdhury et al. [32]. 

2.4 Material failure in a strain discontinuity approach 

Concepts of material failure in discontinuity settings have been reported in 

several studies [33-36]. The aim of these studies was to identify the mechanisms of 

material failure and to quantify corresponding critical structural response. It was 

suggested that material failure (i.e. crack development) usually occurs when the 

displacement discontinuities take place [33]. Material fracture processes can be 

categorized into three distinct zones - diffuse failure, weak discontinuity and strong 

discontinuity zones [33]. The diffuse failure zone is denoted by an increase in strain 

concentration in a continuous fashion, without the appearance of material 

discontinuities. The weak discontinuities zone is characterized by a rapid increase in the 

strain field, resulting in a narrow strain band which exhibits strain discontinuities, 

however, the displacement field remains continuous. The strong discontinuities zone is 
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defined as the development of the weak discontinuity zone into a band, where the 

displacement experiences a real jump (discontinuity) and unbounded strain [33]. 

The discontinuity concept used in this work is based on the discontinuity state of the 

equivalent plastic strain, which is derived from the rate of change of the equivalent 

plastic strain with respect to geometrical position. The magnitude of the strain 

discontinuity itself is obtained from the second derivative of equivalent plastic strain 

field with respect to the spatial position, as illustrated in Figure 5. Since no prior 

assumptions regarding the type of material failure (in terms of strain discontinuity 

settings) are made in modelling of the contact between the two surfaces, the material 

can be categorized into both diffuse failure zones and weak discontinuity zones. 

Therefore, a fully conventional finite element method could be implemented in this 

study in calculating the strain discontinuity fields. 

In the narrow band of the continuous strain field zone, the derivation of the strain field 

with respect to the geometrical position becomes discontinuous across the limits of a 

narrow band (strain-gradient localization band). In order to observe the magnitude of 

finite plastic strain discontinuity jumps, it is necessary to examine the point-wise 

behaviour ofthe finite plastic strain discontinuity derivation. It can be seen from Figure 

5, thatna, rip or ny are constants or the gradients ois(r) and that the delta functions 

approach the origin from either side [37]. The significance ofthe sequence V2e(r) is 

relatively easy to interpret. If /(/*) = V s(r) and f (r) = V2e(r), then mathematical 

descriptions for the strain discontinuity derivative along section AB (Figure 5c), 

between ro and rs are: 
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f(r) = 

na 
nP 

ny 
nx 

for 
for 

for 

for 

r0 < r < r, 

rx <r <r2 

r4 <r<r5 

rs<r<r6 

(1) 

f(r) = (2) 

Equation (2) can also be presented in the following form: 

/'(r) = nad{r-r0) + (np -na)3{r-rx) +.... + (ny -nx)5{r-r4) +.... (3) 

The equivalent plastic strain discontinuities are identified based on the calculation of 

invariants or components at elements common to two or more other elements; then they 

are compared to determine the greatest difference (discontinuity jump). The elements 

that are receiving equivalent values of plastic strain from all nearest elements will 

exhibit a zero value in a plot of the equivalent plastic strain 

discontinuities f(r) = Vs(r) = 0. 

The strain discontinuity, in simple cases, can be used as the criterion of a local failure. 

The onset of discontinuity also relates to the end of the elastic regime in the bulk 

material through the fulfilment of some yield or damage criterion [36]. The propagation 

direction of material failure (on empirical basis) is made orthogonal to the maximum 

tensile stress [38]. 
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Based on strain discontinuities, it is assumed that a 2-D body Q experiences 

discontinuities along a discontinuity path, St, which is characterized by its root r, i.e. the 

first nodal point (in the finite element context this is the first element) as schematically 

illustrated in Figure 6. It is also assumed that for each x of Q (i.e. every element in the 

finite element mesh) a propagation direction *F(e)(x,f), orthogonal to the normal n to 

the discontinuity path, is available at every time ofthe analysis T(e)(0 [33]. 

Prediction of the root of discontinuity propagation location is based on the geometrical 

region where large-magnitude of finite strain discontinuity jumps (the difference 

between strain gradients, e.g. \na-np) etc.) are accumulated. Estimation ofthe 

material failure propagation path is made by identifying the tracking line of the 

displacement ofthe high finite strain discontinuity jumps to new geometrical positions. 

The displacement track of accumulating finite strain discontinuity jumps, from the root 

through the mesh, is constructed along the path St, as shown in Figure 6, according to 

the following steps: 

a. Apply the external load to generate the deformed state ofthe entire body Q; 

b. Consider the contour of equivalent plastic strain field; 

c. Examine the discontinuity points from the gradient of the equivalent plastic strain 

contour field; 

d. Identify the accumulation of the high equivalent plastic strain discontinuities as the 

active discontinuity points. For every root element r„ it is considered that the 

discontinuity path passes through its centroid, re (see Figure 6); 

e. Change the load and identify the change in geometrical position of the highest 

difference ofthe plastic strain discontinuity; 
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f. Draw a line from the root element point (the geometrical position of accumulated 

finite plastic strain discontinuity jumps) to new regions where high plastic strain 

discontinuity jumps are accumulated; 

g. Construct the discontinuity paths St at every point x, the tangent has the direction of 

the propagation vector Y (x,f), (5, are the segments belonging to a family of curves 

enveloping the vector field *P, i.e. construction ofthe envelopes implicitly supplies 

all the Si at time t)\ 

h. Freeze the consolidated part on the discontinuity paths. The accumulation of strain 

gradients of equivalent plastic strain discontinuities at all elements fulfilling the 

local failure criterion (failed elements) at time t, are frozen for future time steps; 

i. Draw new discontinuity paths (if necessary) connecting regions with high 

equivalent plastic strain discontinuity gradients as the discontinuity path Sf, 

j. After a new element is reached by St at the input position, the discontinuous path 

propagates along the element, in the direction of propagation vector *F(e)(x,/)to 

reach the output position; 

k. The output position in the corresponding element side is then transmitted to the 

neighbour element as the new input position; 

1. Do step 'f' and check whether there are any other stain accumulations with high 

gradient of discontinuities, state it as new root element rc, if any, do step "g" - "k" 

until the boundary of Q is reached at both ends of St; 

m. After the position of £, inside every element is identified, the enriching modes ofthe 

finite elements selected with embedded discontinuities are determined. 

Since the asperities were arranged in an interlocking position, it was assumed that 

material failure could originate at the base of the softer asperity of the acetabular cup 

component. Material failure has been associated with a local specific behaviour of the 
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nodal points involving the progressive softening of the material response that spreads 

across the body and leads to the structural failure. The variation of tensile fracture 

direction due to loads imposed on the asperity ofthe softer material, i.e. UHMWPE, is 

the key issue in this approach aiming to predict the size of wear particles generated. The 

direction of tensile fracture occurring in the softer material was examined by the 

standard continuum mechanics approach, i.e. strain vs. stress non-linear constitutive 

equations. It is well known that the inclusion of strain-softening features in this 

approach leads to the strain-localization phenomenon, in which the strains concentration 

is confined to a narrow band [33, 34]. This approach, based on the implementation of 

the plastic strain discontinuities in the model, might be helpful in predicting the 

mechanisms involved in wear particle formation. The strain discontinuities are 

understood here as jumps in the strain field experienced by solid materials during 

deformation (strain) processes [39]. 

Characterization of material failure has usually been performed by means of local strain 

with high discontinuity jump concepts. Local failure at a nodal point or at a discrete set 

of points progresses through the body along failure surfaces in the form of cracks or 

shear bands [33]. The accumulation of strain discontinuities in a narrow band is 

responsible for an increasing dissipation of strain energy, and can then be treated as an 

initial local failure which eventually manifests itself in a form of physically observable 

propagating surface failure exhibiting a discontinuity in the displacement field [34]. 

Therefore, strain discontinuities accumulation in the surface layer of contacting bodies 

can be also treated as an initial process of wear particle formation. The narrow bands of 

strain concentration, addressed in this study, can prove to be a useful tool in the 

prediction of wear particle generation mechanisms occurring in joint prostheses. 
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3. RESULTS AND DISCUSSION 

Results obtained from the model developed consist of equivalent (von Mises) 

stress, equivalent plastic strain, strain energy and plastic strain discontinuity. Based on 

these results, the possibility of predicting the characteristics of the wear particles 

generated (e.g. size and shape) is discussed. 

3.1 Von Mises stress 

The distribution of equivalent von Mises stress field in the subsurface of 

UHMWPE asperity is shown in Figure 7. The friction coefficient and sliding speed 

applied in the simulation were 0.03 and 0.2 ms"1, respectively. 

The von Mises stress distribution, shown in Figure 7, illustrates how the stress pattern 

changes as the sliding distance increases. It can be seen from Figure 7 that as the harder 

femoral head asperity slides along the UHMWPE surface, the geometrical position of 

the highest value of von Mises stress in the UHMWPE subsurface also moves. In 

addition, as the sliding distance increases, the von Mises stress value raises from 26.3 

MPa at the initial position to 33.1 MPa at a sliding distance of 3.0// m. As the tangential 

force increases with the displacement, the maximum shear stress value repositions itself 

closer to the interface/surface. It might be assumed that the possible degradation of 

UHMWPE asperity, leading to crack development, may take place in the region where 

the highest values of von Mises equivalent stress occur. 

The variation in equivalent von Mises stresses with different friction coefficients was 

also investigated. Low friction coefficient, which prevails in lubricated systems and 

usually results in low surface damage, was used in the model developed. However, even 
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with low coefficient of friction stresses and strains caused by the loaded sliding contact 

are still generated at some depth below the surface. It was found that the highest value 

of the von Mises stress generally increases with sliding distance. The rate at which the 

peak von Mises stress increases becomes higher between sliding distances of 1 p m and 

2.5 p m for all friction coefficients tested, as shown in Figure 8. 

It was expected that peak stresses are controlled by the plastic behaviour of the 

modelled materials through the applied loads and friction coefficients. Results presented 

in Figure 8 reveal that the stress generated in the softer asperity has exceeded the 

UHMWPE yield point. Therefore, it seems that under repetitively loaded sliding 

contact, the material will accumulate enough strain that would eventually lead to its 

failure [40]. 

3.2 Equivalent plastic strain 

The surface and subsurface deformation of the softer asperity during loaded 

sliding contact was also examined. The surface stress change and internal equivalent 

plastic strain field in the deformed UHMWPE asperity occurring during contact under 

the friction coefficient of 0.03 are shown in Figure 9. It can be seen from Figure 9 that 

the geometrical position of the maximum value of equivalent plastic strain in the 

UHMWPE asperity moves during sliding. 

It can be seen from Figure 9a - 9d that as the sliding distance increases, both contact 

stress and the values of the equivalent plastic strain are also increasing. A maximum 

equivalent plastic strain value of 0.31 is reached when the surface ofthe harder CoCr 

asperity has passed over the softer UHMWPE asperity. However, at some sliding 
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distances, when both asperities have been released from their interlocked position, the 

equivalent plastic strain still sustains the same value, as shown in Figure 9e - 9f 

In addition to the plastic strain accumulation occurring in the UHMWPE asperity, the 

equivalent plastic strain variation with friction was also examined. The increase in 

sliding distance, accompanied by the elevated frictional force, results in the transition 

from elastic plastic to fully plastic behaviour, as shown in Figure 10. From the finite 

element model, it was observed that, until a sliding distance of 1.5 pm is reached, the 

friction coefficient has a small effect on plastic strain. It was interesting to note that 

with larger displacement, passing the summit position ofthe cup's asperity, the effect of 

friction coefficient on the plastic strain is more significant. 

It was found from the analysis that after the contact force was removed, deformation in 

the softer asperity, as shown in Figure 9 and 10, still persisted. The remaining and 

accumulating deformation strain in the asperities (or surface layers) may eventually 

result in crack formation [40]. This kind of material structural failure is often linked to 

local specific behaviour of the material regions involving progressive softening of the 

material response that spreads across the body [41-43]. In addition to wear in surface 

layers, the formation of wear particles will continuously progress with the increase in 

the number of loaded sliding contact between asperities [39, 41]. 

As the sliding contact moves across the bearing surface ofthe THR (between the CoCr 

alloy femoral head and UHMWPE acetabular cup) much of the damage done to the 

softer material occurs beneath the sliding surface. Cyclic plastic deformation occurs 

across the softer asperity surface area as the harder asperity passes over the surface and 

the frictional traction forces increase the plastic deformation [43]. Although internal 
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strain in the softer material may eventually attain extremely high levels, it does not 

directly contribute to crack growth unless it is accompanied by an internal triaxial 

compressive stress field that occurs directly beneath a contacting asperity [44]. 

3.3 Strain energy 

The strain energy within the entire area ofthe cup's asperity was also calculated. 

The strain energy variations for the given friction coefficient values are shown in Figure 

11a with the enlargement ofthe top section presented in Figure 1 lb. It can be seen from 

Figure lib that the strain energy is slightly influenced by the value of friction 

coefficient. 

Strain energy generated during the loaded contact rapidly rises after the loaded sliding 

contact is established and reaches its highest value at a sliding distance of 

approximately 1.35 pm. This energy eventually decreases as the sliding ofthe harder 

asperity progresses up to a distance of 2.2 p m and then it levels off for the rest of 

displacement. This indicates that the most critical phase during the asperity sliding 

contact is when the harder asperity changes its position from 0.5 to 2.0 pm. 

3.4 Plastic strain discontinuity 

The location where the initial crack (material's failure) may occur in the softer 

asperity has been examined based on the von Mises stress field behaviour (Figure 7). It 

was assumed that the region in the softer asperity where a high degree of plastic strain 

accumulates (Figure 9f - 9g) might eventually detach from the surface under 

reciprocating sliding. However, it needs to be mentioned that, due to the assumptions 

made on the material behaviour, it is still difficult to accurately predict whether this 

particle detachment would take place and what would be the size of such a particle. In 
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addition, real wear processes are complex, as many factors are involved in the 

formation of a wear particle occurring between the articulating surfaces of THR [29]. 

Nevertheless, plastic strain discontinuity examination gives information that might 

prove to be useful in the prediction of wear particle detachment and formation. 

Some of the continuum mechanical models of solids allow for the formation of surface 

strain discontinuities when the body is deformed. Across such a deforming surface, the 

stress and strain fields suffer finite discontinuity jumps even though the traction and 

displacement fields remain continuous. The fields of equivalent plastic strain 

discontinuity in the UHMWPE asperity subsurface with friction coefficient of 0.03 and 

sliding speed of 0.2 ms"1 are shown in Figure 12. It can be seen from Figure 12 that 

plastic strain discontinuity occurs in the subsurface of UHMWPE asperity close to its 

surface. The strain discontinuity was observed at sliding distance of 1.35 pm when the 

strain energy reaches its highest value. 
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3.5 Modelling of U H M W P E wear particle formation 

An attempt to model the UHMWPE wear particle detachment was made by 

taking into account the evolution of the finite plastic strain discontinuity distribution 

occurring in the subsurface ofthe UHMWPE asperity, as shown in Figure 13. Strain 

discontinuity developed for the entire body of the asperity is classified as the weak 

strain discontinuity. As, initially, there is no cracking involved in the model developed 

the displacement fields in this case are still continuous. 

The pattern of finite strain discontinuity jumps changes, as the sliding distance 

increases, was examined. It can be seen from Figure 14 that as the femoral head surface 

slides along the UHMWPE surface asperity, the geometrical position of highest strain 

discontinuity jump in the UHMWPE subsurface moves with the increasing sliding 

distance. The plastic strain discontinuity starts to appear when the sliding of the harder 

asperity reaches a distance of 0.25 p m. i.e. at regions surrounding the root elements 

r\a) and r2
(a). The pattern of highest strain discontinuity jumps (Figure 13a - 13j) 

indicates that regions in the UHMWPE subsurface where crack propagation path would 

take place are along a path near the contacting surface. 

Based on the strain discontinuities contour map, shown in Figures 12 and 13, there are 

two possible crack trajectories marked 'A' and 'B' (Figure 14). As can be seen from 

Figure 14, the lowest energy required to detach wear particle would be along path 'A'. 

Thus this line can be categorized as the primary crack propagation path that may 

develop during the sliding contact while the path along "B" can be categorized as the 

secondary crack propagation path [45]. 

171 



A number of studies focused on the size and shape of the U H M W P E wear particles 

generated in both in vivo and in vitro were conducted. The shape of wear particles found 

in artificial joints can be generally classified as: fibrillar, elongated, rounded granules, 

small granular or thin sheet particles [46-51]. Clinical studies indicated that nearly 90% 

of wear particles found in artificial joints are less than 1 p m, with the average size of 

about 0.5 p m. In some cases these particles can be much larger since they are caused by 

the delamination wear [49]. Results from a laboratory tests using a hip simulator 

showed that the fibrillar particles were approximately \0pm long and 5pm wide [47]. 

Rounded granule smooth particles ranged approximately from 0.2 to 0.4pm in 

diameter; elongated particles were approximately 25pm long and less than 0.2pm 

wide while small granular particles ranged from 0.2 to several micrometers in major 

dimension. Occasionally particles with a larger and more irregular shape ranging from 

few to several micrometers were also found [47]. Submicron wear particles of spherical 

shape have also been reported [46, 50, 52]. It has been suggested that the morphology of 

the wear particles is related to the properties of the UHMWPE [50, 52]. An average 

size of UHMWPE wear particles found in the tissue surrounding the total hip prostheses 

was about 0.53 pm, and approximately 92% ofthe total number of particles found was 

less than 1 \xm in size [50]. These findings were confirmed in another work where the 

surrounding tissue from 24 artificial joints was examined for wear particles. It was 

found that the average size of these particles was less that 1 p m [50]. Possible 

UHMWPE wear particle formation mechanisms are schematically illustrated in Figure 

15. It can be seen from Figure 15 that there might several possible mechanisms 

involved in UHMWPE wear particle formation. 

The equivalent plastic strain discontinuity contour map (Figures 12 and 13) shows 

possible locations ofthe crack propagation paths in the softer material and indicate that 
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delamination type of wear particle would initially be formed, as illustrated in Figure 

15 A. As processes of wear particle detachment from the surface layer are complex [40], 

there would be a variety of wear particle sizes and shapes generated during wear 

processes. As reported by many authors UHMWPE wear particle generated in total joint 

replacements may have fibrillar, elongated, thin flat sheet, (large or small) granular 

shapes [40, 46, 47, 49-51, 53]. The size of wear particles predicted by the model 

developed is between 0.01 (based on the depth of maximum plastic strain discontinuity 

location in the softer asperity) and 2pm (based on the length of the plastic 

discontinuity propagation paths below the softer asperity, shown in Figure 13 and 14) 

assuming that the particles are in the form of flat sheets or elongated strips. One of the 

limitations of this model is that it cannot predict the particle size for particles exhibiting 

different morphology, e.g. chunky, granular, etc. This is due to the assumptions and 

simplifications made, on geometry, boundary conditions, and material's physical and 

mechanical parameters. The material models available in the finite element package 

used in this study were not able to fully represent the real material's behaviour. For 

example, the UHMWPE creep, which can influence the rate of polyethylene 

deformation, as suggested by various authors [27, 29, 32], was not taken into account. 

Despite these shortcomings the simulation results are encouraging. They reflect the 

influence of various parameters involved in wear mechanisms and possibly in wear 

particle generation in artificial hip joints prosthesis. It is expected that the simulation 

results can lead to a better understanding of operating conditions in these joints and also 

of the wear processes occurring. Information gained might be useful in THR design. 

Strain discontinuity behaviour seems to be an important factor in the prediction of wear 

particle generation. 
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4. CONCLUSIONS 

From the study conducted the following conclusions can be drawn: 

• The model of a loaded sliding contact between two asperities has been 

developed. The calculation results confirmed that the positions of maximum 

plastic strain and von Mises stress depend on the friction coefficient and the 

magnitude of load applied. 

• As the friction coefficient and sliding contact force increase, the maximum von 

Mises stress and plastic strain are moving closer to the surface. 

• The evolution of equivalent von Mises stress and equivalent plastic strain within 

the polyethylene, resulting from a frictional sliding contact, might be useful in 

interpretation of wear particle detachment mechanisms in tough polymers, like 

UHMWPE. 

• The strain energy as well as the strain discontinuity generated might be of use in 

the prediction of wear particle formation. 

• The friction coefficient has a significant effect on the stress and strain state 

occurring between the contacting asperities, as well as on the area subjected to 

higher stress and strain states. 

• Strain discontinuity approach might be a useful tool in prediction of wear 

particle formation. 

174 



Acknowledgement: 

The authors wish to thank the School of Mechanical Engineering, University of 

Western Australia (UWA) for its help during the preparation of this paper. The first 

author would like to thank the Australian Development Scholarship (ADS) scheme for 

the financial support. 

175 



References: 

1 Mow, V. C, Ratcliffe, A. and Woo, S. L. Y., Bio-tribology of synovial joints. 

Springer-Verlag, New York: 1990. 

2 Podsiadlo, P., Kuster, M. and Stachowiak, G. W., Numerical analysis of wear 

particles from non-arthritic and osteoarthritic human knee joints. Wear 1997. 

210:318-325. 

3 Dowson, D., A comparative study ofthe performance of metallic and ceramic 

femoral head components in total replacement hip joints. Wear 1995. 190: 171-

183. 

4 Podsiadlo, P. and Stachowiak, G. W., 3-D imaging of surface topography of 

wear particles found in synovial joints. Wear 1999. 230: 184-193. 

5 Firkins, P. J., Tipper, J. L., Ingham, E., Stone, M. H., Farrar, R. and 

Fisher, J., A novel low wearing differential hardness, ceramic-on-metal hip 

joint prosthesis. J. Biomechanics 2001. 34: 1291-1298. 

6 Maloney, W. J., Lane Smith, R., Castro, F. and Schurman, D., Fibroblast 

response to metallic wear debris in vitro. J. Bone Jt. Surgery 1993. 75A: 835 -

844. 

7 Wirganowicz, P. Z. and Thomas, B. J., Massive ostelysis after ceramic on 

ceramic total hip arthoplasty. Clinical Orthop. 1997. 338: 100 - 104. 

8 Catelas, I., Petit, A., Zukor, D. J., Marchand, R., Yahia, L. H. and Huk, O. 

L., Induction of macrophage apoptosis by ceramic and polyethylene particles in 

vitro. Biomaterials 1999. 20: 625-630. 

9 Goodman, S. B., Huie, P., Song, Y. P., Schurman, D., Maloney, W., 

Woolson, S., Sibley, P., Cellular profile and cytokine production at prosthetic 

interfaces. J. BoneJt. Surgery 1998. 80: 531 - 539. 

176 



10 Chiba, J., Maloney, W . J., Inoue, K. and Rubash, H. E., Biochemical 

analyses of human macrophages activated by polyethylene particles retrieved 

from interface membranes after failed total hip arthoplasty. J. Arthroplasty 

2001.16:101-105. 

11 Kobayashi, A., Freeman, M. M., Bonfield, W., Number of polyethylene 

particles and ostelysis in total joint replacements: Quantitative study using a 

tissue-deggistion method. J. Bone Jt. Surgery 1997.14: 840 - 873. 

12 Green, T. R., Fisher, J., Stone, M., Wroblewski, B. M. and Ingham, E., 

Polyethylene particles of'critical size' are necessary for the induction of 

cytokine by macrophages in vitro. Biomaterials 1998.19: 2297 - 2302. 

13 Oparaugo, P. C, Clarke, I. C, Malchau, H. and Herberts, P., Correlation of 

wear debris-induced osteolysis and revision with volumetric wear-rates of 

polyethylene: A Surver of 8 reports in the literature. Acta Orthop. Scand. 2001. 

72: 22 - 28. 

14 Lancaster, J. G., Dowson, D., Isaac, G. H. and Fisher, J., The wear of ultra

high molecular weight polyethylene sliding on metallic and ceramic 

counterfaces representative of current femoral surfaces in joint replacement. 

Proc. Instn. Mech. Engrs. (H) J. Eng, Med. 1996. 211: 17 - 24. 

15 Ingham, E. and Fisher, J., Biological reactions to wear debris in total joint 

replacement. Proc. Instn. Mech. Engrs. (H) J. Eng, Med. 2000. 214: 21 - 37. 

16 Tipper, J. L., Firkins, P. J., Besong, A. A., Barbour, P. S. M., Nevelos, J., 

Stone, M. H., Ingham, E. and Fisher, J., Characterisation of wear debris from 

UHMWPE on zirconia ceramic, metal-on-metal and alumina ceramic-on-

ceramic hip prostheses generated in a physiological anatomical hip joint 

simulator. Wear 2001. 250: 120-128. 

177 



17 Hall, R. M., Siney, P., Unsworth, A. and Wroblewski, B. M., The association 

between rates of wear in retrieved acetabular components and the radius ofthe 

femoral head. Proc. Instn. Mech. Engrs. (H) J. Eng. Med. 1998. 211: 321 - 326. 

18 Learmonth, I. D. and Cunningham, J. L., Factors contributing to the wear of 

polyethylene in clinical practice. Proc. Instn. Mech. Engrs. (H) J. Eng, Med. 

1997.211:49-57. 

19 Hall, R. M., Siney, P., Unsworth, A. and Wroblewski, B. M., The effect of 

surface topography of retrieved femoral heads on the wear of UHMWPE 

sockets. Medical Eng. & Physics 1997.19: 711-719. 

20 McNie, C, Barton, D. C, Stone, M. H. and Fisher, J., Prediction of plastic 

strain in ultra-high molecular polyethylene due to microscopic asperity 

interactions during sliding wear. Proc. Instn. Mech. Engrs. (H) J. Eng, Med. 

1998. 212: 49 - 56. 

21 Adams, G. G. and Nosonovsky, M., Contact modeling ~ forces. Tribology Intl. 

2000.33:431-442. 

22 Stachowiak, G. W., Friction and Wear of Polymers, Ceramics and Composites 

in Biomedical Applications. In Friedrich, K. (Ed.) Advances in Composites 

Tribology. Elsevier, Amsterdam 1993, pp Chapter 14: 509-557. 

23 Yao, J. Q., Blanchet, T. A., Murphy, D. J. and Laurent, M. P., Effect of fluid 

absorption on the wear resistance of UHMWPE orthopaedic bearing surface. 

Wear 2003. 255: 111-112. 

24 Cooper, J. R., Dowson, D. and Fisher, J., Birefringent studies of polyethylene 

wear specimens and acetabular cups. Wear 1991.151: 391-402. 

25 Scholes, S. C, Green, S. M. and Unsworth, A., The wear of metal-on-metal 

total hip prostheses measured in a hip simulator. Proc. Instn. Mech. Engrs. (H) 

J. Eng, Med. 2003. 215: 523 - 530. 



26 Vassiliou, K. and Unsworth, A., Is the wear factor in total joint replacements 

dependent on the nominal contact stress in ultra-high molecular weight 

polyethylene contacts? Proc. Inst. Mech. Engr. (H) J. Eng. Med. 2004. 218: 101 

-- 107. 

27 Fisher, J., Dowson, D., Hamdzah, H. and Lee, H. L., The effect of sliding 

velocity on the friction and wear of UHMWPE for use in total artificial joints. 

Wear 1994.175: 219-225. 

28 Kaliszky, S., Plasticity: Theory and Engineering Applications. Elsevier Science 

Publishing Company, Inc., New York: 1989. 

29 Kurtz, S. M., Pruitt, L., Jewett, C. W., Crawford, R. P., Crane, D. J., 

Edidin, A. A., The yielding, plastic flow, and fracture behavior of ultra-high 

molecular polyethylene used in total joint replacements. Biomaterials 1998.19: 

1989-2003. 

30 Jin, Z.-M., A general axisymmetric contact mechanics model for layered 

surfaces, with particular reference to artificial hip joint replacement. Proc. Instn. 

Mech. Engrs. (H) J. Eng, Med. 2000. 214: 425 - 435. 

31 Anoname, In: Matweb (Material Property Data), BioDur Carpenter CCM 

Alloy. Data alloy [online]. Available from: http://www.matweb.com/search/ 

SpecificMaterial.asp?bassnum=NCAR40. 

32 Roy Chowdhury, S. K., Mishra, A., Pradhan, B. and Saha, D., Wear 

characteristic and biocompatibility of some polymer composite acetabular cups. 

Wear 2004. 256: 1026-1036. 

33 Oliver, J., On the discrete constitutive models induced by strong discontinuity 

kinematics and continuum constitutive equations. Intl. J. Solids Struct. 2000. 37: 

7207-7229. 

179 

http://www.matweb.com/search/


34 Sukumar, N. and Prevost, J.-H., Modeling quasi-static crack growth with the 

extended finite element method Part I: Computer implementation. Intl. J. Solids 

Struct. 2003. 40: 7513-7537. 

35 Wells, G. N. and Sluys, L. J., Application of embedded discontinuities for 

softening solids. Eng. Fract. Mech. 2000. 65: 263-281. 

36 Wells, G. N. and Sluys, L. J., A new method for modelling cohesive cracks 

finite element. Intl. J. Numer. Method. Eng. 2001. 50: 2667 - 2682. 

37 Hoskins, R. F., Generalised Functions. Ellis Horwood Limited (Div. John 

Willey & Sons), London: 1979. 

38 Pradeilles - Duval, R.-M. and Stolz, C, Mechanical transformations and 

discontinuities along a moving surface. J. Mech. Phys. Solids 1995. 43: 91 -121. 

39 Kimura, Y. and Childs, T. H. C, Surface asperity deformation under bulk 

plastic straining conditions. Intl. J. Mech. Sc. 1999. 41: 283-307. 

40 Wang, A., Sun, D. C, Stark, C. and Dumbleton, J. H., Wear mechanisms of 

UHMWPE in total joint replacements. Wear 1995.181-183: 241-249. 

41 Meyer, R. W. and Pruitt, L. A., The effect of cyclic true strain on the 

morphology, structure, and relaxation behavior of ultra high molecular weight 

polyethylene. Polymer 2001. 42: 5293-5306. 

42 Wang, A., Sun, D. C, Yau, S.-S., Edwards, B., Sokol, M., Essner, A., 

Polineni, V. K., Stark, C. and Dumbleton, J. H., Orientation softening in the 

deformation and wear of ultra-high molecular weight polyethylene. Wear 1997. 

203-204:230-241. 

43 Edidin, A. A., Pruitt, L., Jewett, C. W., Crane, D. J. and Roberts, D., 

Plasticity-induced damage layer is a precursor to wear in radiation-cross-linked 

UHMWPE acetabular components for total hip replacements. J. Arthroplasty 

1999.14:616-627. 

180 



44 Krzypow, D. J. and Rimnac, C. M., Cyclic steady state stress-strain behavior 

of UHMW polyethylene. Biomaterials 2000. 21: 2081-2087. 

45 Oliver, J. and Huespe, A. E., Theoretical and computational issues in 

modelling material failure in strong discontinuity scenarios. Comp. Meth. Appl. 

Mech. Eng. 2004. 193: 2987-3014. 

46 McKellop, H., Campbell, P., Park, S. H., Schmalzried, T. P., Grigoris, P., 

Amstutz, H. C. and Sarmiento, A., The origin of submicron polyethylene wear 

debris in total hip arthoplasty. Clin. Orthop. Related Res. 1995. 311: 3 - 20. 

47 Affatato, S., Fernandes, B., Tucci, A., Esposito, L. and Toni, A., Isolation 

and morphological characterisation of UHMWPE wear debris generated in vitro. 

Biomaterials 2001. 22: 2325-2331. 

48 McKellop, H., Shen, F. W., Lu, B., Campbell, P. and Salovey, R., Effect of 

strerilization method and other modifications on the wear resistance of 

acetabular cups made of ultra-high molecular weight polyethylene. J. Bone Jt. 

Surgery 2000. 82-A: 1708 -1725. 

49 Agarwal, S., Osteolysis - basic science, incidence and diagnosis. Current 

Orthop. 2004.18: 220 -231. 

50 Shanbhag, A. S., Bailey, H. O. and Hwang, D. S., Quantitative analysis of 

ultra-high molecular weight polyethylene (UHMWPE) wear debris associated 

with total knee replacements. J. Biomed. Matter. Res. Appl. Biomater. 2000. 53: 

100-110. 

51 Schmalzried, T. P., Campbell, P., Schmitt, A. K., Brown, I. C. and Amstutz, 

H. C, Shapes and dimensional characteristics of polyethylene wear particles 

generated in vivo by total knee replacements compared to total hip 

replacements. J. Biomed. Mater. Res. Appl. Biomater. 1997. 38: 203-210. 

181 



Barrett, T. S., Stachowiak, G. W . and Batchelor, A. W., Effect of roughness 

and sliding speed on the wear and friction of ultra-high molecular weight 

polyethylene. Wear 1992.153: 331 - 350. 

Campbell, P., Ma, S., Yeom, B., McKellop, H., Schmalzried, T. P. and 

Amstutz, H. C, Isolation of predominantly submicron-sized UHMWPE wear 

particles from periprosthetic tissues. J Biomed Mater Res 1995. 29: 127-131. 

Oliver, J. and Huespe, A. E., Continuum approach to material failure in strong 

discontinuity settings. Comp. Meth. Appl. Mech. Eng. 2004.193: 3195-3220. 

182 



Table 1: Mechanical characteristics of materials used in the finite element analysis [30, 31] 

Material 

U H M W P E (cup) [30] 

CoCrMo (head) [31] 

Properties 

Elastic modulus 

(GPa) 

1.0 

208.0 

Poisson 

ratio 

0.40 

0.30 

Density 

(kg/m3) 

950 

7800 
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Figure 1: Schematic illustration ofthe contacting asperities in total hip joint replacement 

model (the scale does not represent the correct ratio of vertical to horizontal 

dimensions) 
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Figure 2: 2-D finite element geometrical model of contacting asperities 
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Figure 3: Stress-strain curve of U H M W P E used in the model developed [29,31] 
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Figure 5: Schematic illustration of discontinuities concept (a) strain field; (b) strain gradient field; 

(c) cross-section of strain field; (d) cross-section of strain gradient field (with 

discontinuities); (e) magnitude of strain discontinuities. 
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during sliding against CoCr asperity with friction coefficient and sliding speed of 0.03 
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Paper III 

Modelling of asperity contact in total hip joint 
prostheses - Heat effects and wear behaviour 

____ of U H M W P E 

N. Suhendra and G.W. Stachowiak 

Will be Submitted for publication in Tribology International 

Abstract 

A two-dimensional (2D) finite element method (FEM) model of asperity contact in hip 

joint prosthesis has been developed. A sliding contact between a hard CoCr alloy and a 

soft stationary U H M W P E asperity is modelled. Material mechanical and thermal 

responses, i.e. von Mises equivalent stresses, equivalent plastic strains and heat flux 

fields, are examined. To assess the responses of the parameters of interest to the 

frictional stress, two friction coefficients of 0.07 and 0.2 are used in the F E M 

simulations. The effect of sliding friction on the thermal behaviour of yielding regions 

in the softer U H M W P E asperity is also investigated. Results from the F E M simulations 

show that the increases in the size of the yielding region, as well as in the heat flux 

density, are significantly influenced by the conductivity of the materials, the value of 

the friction coefficient and the increase in the tangential force. Contact temperature 

results are presented for a U H M W P E - C o C r alloy sliding interface together with 

information on the actual stress conditions, necessary in wear modelling. The objective 

of this study is to predict the effect of load, friction, contact geometry and material 

properties on stress, strain and heat flux and to gain a better understanding of wear 

particle generation mechanism from a 2 D F E M contact model. 

Keywords: U H M W P E , asperity contact, heat flux, finite discontinuity jumps, wear 
particle size, total hip replacement 
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Notation 

a 

A0 

A 

cP 

E' 

EA 

crack tip propagation speed 

material constant 

material constant 

specific heat 

Composite Young's modulus 

Young's modulus of the 

softer material 

EB Young's modulus ofthe 

harder material 

F(<r,, <r2; pt) fracture function 

G 

HA 

K e , K 

Irwin strain energy release 

rate 

Hardness of the softer 

material 

thermal conductivity 

conductivity tensor 

N normal vector 

q thermo-fracture heating 

q heat flux vector 

q(r) heat flux (magnitude) 

function 

r spatial position 

ra asperity radius 

Rq RMS surface roughness 

Sj segment of isothermal line 

f rate of temperature change 

T absolute temperature 

^ 

[st 

M strain rate sensitivity coeff. T(x) 

initial temperature 

temperature field level of 

discontinuity on the 

propagation path 

iso-contour for the 

temperature field 
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Symbols 

a coefficient of thermal expansion 

B fraction of plastic work rate 

8(x) delta function 

s
e elastic strain component 

sP plastic strain component 

g^ rate of elastic strain work 

^P rate of plastic strain work 

eN engineering strain rate 

s Strain 

|-i + |-j(in2D) 
ox dy 

— i + —j + —k (in 3D) 
dx dy dz 

L a m e elastic constant 

L a m e elastic constant 

Mi = Mi (?m ) internal coefficient of friction 

outward normal vector 

Q 2D region 

M propagation vector 

JE(x) unit of propagation vector 

M*,t) envelope of propagation 

vector field 

P material density 

cr stress 

yE material constant 

ax,a2 

G« 

dimensionless principal 

stresses 

mean stress 

Superscripts 

E Elastic P 

M Strain rate sensitivity coefficient T 

Plastic 

Matrix transpose 

Subscripts 

Uj, k matrix components 
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1. Introduction 

A combination of cobalt-chromium (CoCr) alloy for the femoral head and ultra

high molecular weight polyethylene (UHMWPE) for the acetabular cup, has become 

the most widely used in total hip replacements (THRs) [1, 2]. In recent years, however, 

there has been strong evidence suggesting a possible link between joint loosening and 

the accumulation of UHMWPE wear particles in tissue surrounding the joint [3-5]. It 

has been observed that wear particles of certain size, ranging from 0.2 - 0.8 fxm [6], are 

more active in the stimulus of cytokines than those outside the critical size range [7-9]. 

Many studies have been conducted to deduce the root cause of UHMWPE wear in 

THRs. Mechanical simulators of hip joint articulation are widely used to assess the 

effect of material and mechanical design variables on the wear and durability of a 

THRs. The tendency for frictional heating generation during articulation of THRs has 

been shown, e.g. [10-14]. It was found that after 45 minutes of normal walking at a 

speed of 4 km/hour, the temperature rise inside a hip implant increased by 3.5°C [10]. 

The temperature increase was believed to be a result of repetitive surface asperity 

deformation. Several experimental studies revealed that surface failure can result from 

the damage accumulation process during the cyclic loading [13, 15, 16]. 

Attempts have been made to correlate the generation of the UHMWPE wear particles 

with failure mechanisms of the UHMWPE components. However, the root cause of 

wear particle generation is still unclear. The use of the micro-scale (asperity) contact 

analysis has provided a new insight into the calculation of accumulated stress and strain 

distributions as well as wear particle formation mechanisms [17-19]. Some attempts 

have also been made to model the sliding contact of asperities to predict wear [18-20]. 

The numerical models developed aid in the detection of failure directions (crack 
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propagation paths) and in interpretation of wear particle morphology, in particular their 

size and shape. 

The current study involves modelling of the asperity contact and predicting the wear 

particle detachment assuming the fatigue wear mechanism. Since the process leading to 

fatigue wear takes place in the sub-surface layers, it is substantially affected by friction 

between the contacting surfaces [21, 22]. Friction influences the stress field and causes 

frictional heating of the surface layer [23], which is then conducted to sub-surface 

layers. 

Prediction of wear particle formation within the UHMWPE thin surface layer is based 

on the examination of mechanical and thermal responses, i.e. von Mises stress and 

strain distribution, the heat flux and the heat flux gradient developed in the regions 

surrounding the contact between the stationary UHMWPE and the sliding CoCr 

asperities. 

The objective of this study is to develop a 2D FEM model that can be used in the 

prediction of the effects of load, friction, contact geometry and material properties on 

stress, strain and heat flux distributions generated within the hip joint replacement 

components. The model developed may help in better understanding of the wear 

generation mechanisms during sliding ofthe UHMWPE cup and the CoCr alloy head in 

THRs. 
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2. Theoretical background 

Due to frictional heating between the femoral head surface and the acetabular 

cup, the temperature of UHMWPE acetabular cup in vivo can increase during 

continuous activity, e.g. walking, running, etc., before reaching a steady state, [14, 21]. 

However, the rate of temperature increase at the surface of the UHMWPE cup will 

depend upon a number of factors, including the material used for the femoral head [13, 

14]. The rate of temperature increase at the UHMWPE surface will be lower when 

articulating against thermally conductive CoCr alloy as opposed to insulating ceramic 

components [24]. The elevated surface temperature can lead to a reduction in the plastic 

deformation resistance of UHMWPE [24]. 

Sliding UHMWPE against a hard smooth surface (e.g. CoCr alloy) can result in the 

formation of transfer films [25, 26]. It is argued that high friction and energy dissipation 

promotes the formation of more strongly attached transfer films [25]. Transfer of the 

UHMWPE material to the metal counterface during sliding involves interlamellar 

shearing of the polymer, resulting in the development of a highly oriented transfer film 

[27]. In the case of frictional heating, transfer wear behaviour of polymers can be 

divided into two categories: adiabatic and isothermal. During the adiabatic behaviour, 

transfer wear occurs mainly under thermal non-conducting conditions. The thermal 

softening and subsequent transfer wear takes place at the interfacial layer only [27, 28]. 

Polymer transfer films formed during the isothermal behaviour, exhibit smooth 

molecular profiles with thin highly oriented and weakly adherent layers [27]. 

Theoretical and experimental studies reveal that the energy supplied to the crack tip 

region, that is surplus to that required for the creation of a new free surface during crack 

advance, is converted to heat within the material surrounding the crack tip (the cohesive 
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zone) [29-31]. Furthermore, the temperature rise is dependent on the associated elastic 

and plastic deformations [30]. With a large number of stress cycles resulting from 

repeated sliding contact against a smooth metallic surface, the wear rate of UHMWPE 

increases. This increase in wear rate is related to the development of cracks and spalls 

on the worn polymer surface [32]. 

According to the constitutive law, proposed by G'Sell and Jonas [33], for large 

deformation, plastic flow region of the true stress-strain curve of a semi-crystalline 

polymer is described by a power law relationship: 

o(s,s)=Aexp\^e2\£m (1) 

For a constant strain rate, the power law relationship in Equation (1) reduces to the 

constitutive law: 

o- = AQe% (2) 
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2.1 Thermoplastic heat dissipation 

In most materials, thermal conduction occurs over much longer times than that 

needed for dynamic fracture. Therefore, a significant increase in local temperature 

usually arises at the crack tip region [30]. The heat generated in the area surrounding a 

crack is primarily a result of thermoplastic dissipation [31]. The heat energy released 

during time-dependent deformation and fracture can be expressed as: 

kT - a(U + 2p)T0s
e
kk + Ba^l = p cpt (3) 

where k is the thermal conductivity, T is the absolute temperature, To is the initial 

temperature, a is the coefficient of thermal expansion, cp is the specific heat, X, and p are 

the Lame elastic constants, p is the density, B is the fraction of plastic work rate that is 

converted to heat, e-j and s,P are the elastic and plastic strain components, respectively, 

and cjy are the stress components. The dot denotes differentiation with time. Equation 

(3) shows the relationship between the mechanical strain and heat generation for 

materials exhibiting plasticity, such as UHMWPE [34]. The term kT is the parabolic 

heat conduction, - cc($X + 2//)T0£^. represents the reversible thermo-elastic effect, and 

Boysfj denotes the rate of plastic work converted to heat. Furthermore, for materials 

with high ductility, the plastic work term dominates the left hand side of the equation, 

and Equation (3) reduces to: 

BoyePj^pCpt (4) 
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2.2 Thermo-fracture heating 

Sliding contact between surface asperities in the THR components may result in 

plastic deformation and dynamic failure of the softer asperity [35]. During dynamic 

failure, energy originating from the external loads flows into the crack tip region and is 

partitioned into elastic (recoverable), plastic (primarily thermally dissipated), and 

fracture energy [36]. In the case of nominally brittle materials, heat would only be 

generated from fracture energy available over and above that needed for the creation of 

new free surfaces [23]. For ductile materials, heating is due to both thermo-plastic heat 

generation and the fracture process (thermo-fracture heating) [23, 37]. Therefore, 

Equation (4) can be modified as follows: 

Bo-ye? +q = pcpt (5) 

The thermo-fracture heating denoted by q encompasses all dissipative processes 

present during fracture that generate heat, excluding gross plastic deformation. In case 

of materials exhibiting only thermo-fracture heating and no thermo-plasticity (i.e. brittle 

polymers or materials with near zero/?), the thermo-fracture term q will control the 

temperature development at the crack tip [38]. 

Under conditions of stable crack growth, the analytical expression for thermo-fracture 

heating q is [30]: 

q = (G - 2y)d.S(x -x0)S(y-y0)=pcpf- Bo^e? (6) 

where G is the Irwin strain energy release rate, a is the crack tip speed, 8 is the Dirac-

delta function, x and y are geometrical coordinates, and the zero subscript denotes the 

current crack tip coordinates. Physically, the term (G - 2y) represents energy that has 
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flowed through the crack tip region (G), but is in excess of that needed for crack surface 

formation (2y). This excess energy is dissipated as heat. 

2.3 Contact between asperities 

When two bodies are brought into contact, contact initially occurs between the 

high spots of either surface (surface asperities) [32]. The size and arrangement of the 

contact spots depend on many factors, including material properties, surface macro-

geometry and contact conditions [32, 39]. Deformation ofthe surface asperities needs to 

be taken into account in order to determine the real contact area [32]. The degree of 

deformation ofthe surface asperities depends on the nano-scale topography ofthe softer 

material in the contact [27]. Contact stresses between asperities are large and in some 

cases may result in localized plastic deformation [32]. In the early studies of contact 

between real surfaces it was assumed that since the contact stresses between asperities 

are very high the asperities must deform plastically. However, in 1957 Archard 

observed that, after an initial plastic deformation, the contacting asperities attain a 

certain shape and further deformation is elastic [40]. The probability of plastic 

deformation depends on the surface topography and material properties and is defined 

by the plasticity index [41]. 

In the early works contact between an idealized rough surface and a perfectly smooth 

surface was analysed by assuming that a rough surface can be approximated by a series 

of hierarchically superimposed spherical asperities [32]. The surface was modelled by 

spherical asperities of various size scales. It has been deduced that when the magnitude 

of load increases, the true contact area of the multiple elastic contacts between 

asperities should be directly proportional to load [32]. 
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It has been suggested that U H M W P E has a composite-like structure consisting of more 

highly ordered crystalline constituents (lamellae) distributed within an amorphous (non

crystalline) matrix [17]. The surrounding amorphous phase consists of randomly 

oriented polymer chains, with tie molecules connecting the amorphous matrix to the 

crystalline lamellae. This structure provides resistance to mechanical deformation [42]. 

Kurtz et al. observed that the size of UHMWPE lamellae typically range from 10 to 50 

nanometres in thickness and several micrometres in length [43]. Considering the asperity-

to-asperity contact or nano-contact, it is possible that either amorphous or crystalline regions 

will be in contact within the THR [17]. The significant mechanical differences at the nano-scale 

between the amorphous and crystalline regions of UHMWPE and their relative proportions 

could influence the material response to the frictional forces within a nano-contact region. This 

could lead to a change in surface mechanical behaviour of UHMWPE at the nano-scale and 

subsequently a change in the tribological characteristics ofthe THR [17]. 

The behaviour of composite-like polymers is highly dependent on the strength of each 

region and the interfacial strength between the regions. The mechanical responses of the 

individual regions and the interphase regions have been shown to be significantly 

different compared to the response ofthe bulk material [e.g. 17]. 

2.4 Tracking of material failure propagation 

The process of particle detachment arises from crack propagation. The trajectory 

of the crack depends on the type of material, its stress-strain state and the yield regions 

[44]. Crack propagation studies suggest that, since F(px,o~2\Pi) is the contour map of 
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fracture functions, where <r,and a2 are the dimensionless principal stresses and 

pt = Pidpm) is the internal coefficient of friction (dependent on the mean stress, am), a 

possible path for the propagation ofthe fracture lies in the direction ofthe major axis of 

the ellipse (see Figure 1). More detailed discussion of this method can be found in the 

work conducted by Sikarskie et al. [45] on predicting chips formation during the 

penetration of elastic-brittle materials. More recent studies have introduced the use of 

discontinuity behaviour of mechanical parameters, such as displacement discontinuities 

and strain localizations, in determining positions in an object that might fail under given 

external loads, as well as for the prediction of failure (crack) propagation paths, e.g. 

[46-49]. 

In this work, the effect of stress and strain field distributions and thermal effects on the 

material failure (crack) propagation paths are examined. The heat flux generated within 

a deforming body (in this case within the U H M W P E surface layer) is assumed to be a 

result of sliding contact pressure. A s already mentioned, the energy supplied to the 

crack tip region that is in excess of that needed for the creation of a new free surface 

during crack advance is converted to heat within the cohesive zone [23, 30]. Since the 

mechanical fields associated with a growing crack are highly localized at the crack tip, 

a m a p of either the temperature or the heat flux magnitude field carries information 

about the distribution of plastic deformation. 

2.4.1 Heat flux propagation vector 

The envelope ofthe propagation vector field in a two dimensional domain Q is 

represented by [50]: 

^x,o=K^J,
 (7) 
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in which JE(x) is a unit vector field: 

M-M=\\M2=\ (8) 

For all meaningful values of Ts., the path ofthe discontinuity propagation vector field 

can be described as: 

St(t)=^eO;T(x) = TSi\ (9) 

S, and T(x) are a segment of an isothermal line and the level contour for the 

temperature field respectively. The level contour of T(x) is the solution of a stationary 

heat conduction problem. Since the contour of T(x) is orthogonal toVT, and T(x) is the 

solution for the partial differential equation, then: 

M-VT = VT-M= — = 0,in Q (10) 
d*¥ 

As \\A§ * 0, multiplication of Equation (7) by M results in: 

M— = (M®/m-VT = e -vr = o (n) 
dP 

e (JE(x)) = M-JE= 
Vl/ VIZ vi/2 

(12) 

where 

e (^ = e (-^) is the conductivity tensor, which implies that the problem solution is 

only influenced by the direction ofthe propagation vector field M. The heat flux vector 

is defined as: 

q = -e .VT = -JEr^,inil (13) 
d¥ 

For the case of no internal heat sources and null heat flux input on the adiabatic 

boundary daQ, 
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q, =q->=(> m— = 0, ina.fi W 

Where, n is the outward normal to the boundary dqQ. and deQ(dqQvd0Q = dn) 

stand, respectively, for those parts of the boundary Sfi where the N e w m a n and 

Dirichlet condition equations are given. In order to overcome the extra singularity 

problem in the numerical simulation settings, the conductivity tensor in Equation (12) 

can be modified as follows [48]: 

K£ =M®M+el (
15) 

where 1 is the unit tensor and e is an isotropic algorithmic conductivity. 
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2.4.2 Heat flux discontinuity 

Concepts of material failure in terms of discontinuity have been reported in 

several studies [46, 51-53]. The discontinuity concept used in this work is based on the 

discontinuity state ofthe heat flux, which is derived from the rate of change ofthe heat 

flux with respect to geometrical position, and is illustrated in Figures 2 and 3. The 

magnitude of the heat flux discontinuity is obtained from the second derivative of heat 

flux field with respect to the spatial position, as illustrated in Figures 4 and 5. 

Heat flux discontinuity used in this work is similar to the concept of material failure 

based on the strain discontinuity [20]. In order to observe the magnitude of finite heat 

flux discontinuity jumps, it is necessary to examine the point-wise behaviour of the 

finite heat flux discontinuity derivation. It can be seen from Figure 6, that as na, n^ or 

ny increase, the delta functions increase too. It can also be seen that the delta functions 

approach the origin from either side [54]. The significance ofthe sequence V2T(r) is 

relatively easy to interpret. If q(r) = ¥T(r) and q'(r) = V2T(r), then mathematical 

descriptions for the heat flux derivative along section AB (Figure 6c), between ro and rs 

are: 

q(r) = 

na 

HP 

nr 
nx 

for 

for 

for 

for 

r0<r<rx 

rx <r <r2 

r4<r<r5 

r5<r<r6 

(16) 
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na[s(r-r0)-S(r-rx)] 

(17) 
ny[s(r-r4)-S(r-r3)] 

Equation (17) can also be presented in the following form: 

q\r) = nj(r-rQ)+{pp-na)p(r-rx)+....+ {(ir-ni
>p(r-rA)+.... (18) 

2.4.3 Algorithm for tracking the failure propagation path 

The algorithm for tracking the failure propagation path from the heat flux 

gradient (discontinuities) distribution is presented in this section. This algorithm aims to 

detect where the failure would occur and along what path line it would propagate in a 

2D region Q, based on the heat flux gradient (discontinuities) distribution occurring in 

the entire domain. In addition, it is assumed that the failure (crack) propagates along 

isothermal lines perpendicular to the heat flux vector (see Figure 4). 

The algorithm consists ofthe following steps: 

a. Apply an external load to deform the object; 

b. Identify the heat flux vector orientations over the entire object (Figure 3a); 

c. Consider the contour field ofthe heat flux magnitude (Figure 3b) 

d. Examine the discontinuity points obtained from gradients ofthe heat flux magnitude 

(Figure 3c); 

e. Identify the highest difference (gradient) of the heat flux magnitude (the heat flux 

discontinuity) as the active discontinuity point and its corresponding heat flux 

dr t = t« 
Vq(r) = q'(r) = \ 
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density level. For every root element r„ it is considered that the discontinuity path 

passes through its centroid (see Figure 2); 

f. Change the applied load and identify the change in geometrical position of the 

highest gradient ofthe heat flux magnitude (Figure 3d-e); 

g. Draw a line from the root element points ofthe highest heat flux gradient to the new 

highest heat flux gradient (discontinuity) under the new given loading condition 

(Figure 3f). 

The variation of tensile fracture direction due to loads imposed on the asperity of the 

softer material, i.e. UHMWPE, is the key issue in this approach, which can be used to 

predict the size of wear particles generated. 
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3. Development of computational model 

3.1 Asperity geometrical model 

To simulate the contact between the femoral head and the acetabular cup of 

THRs at a micro-scale, a 2D FEM model ofthe contact between two asperities has been 

developed. The model geometry used is described in our previous work [20]. In this 

model, contact between a single CoCr alloy asperity (representing the femoral head) 

and a single UHMWPE asperity (representing the acetabular cup) is made in the 

interlocking position. 

As suggested by Fisher et al. [22], the asperities on CoCr femoral heads are about 0.07 

- 0.08 p m in height. Dowson [35] suggested that for well finished CoCr components, 

the roughness average is about 0.02 - 0.05 pm, with the average slopes of asperities 

being less than one degree, and that UHMWPE asperities range in size from 0Apm 

measured from peak to valley (Rt), to several tens of micrometers (long range 

waviness). 

It has been observed that the machining marks on the new UHMWPE bearing 

components are often visible. The corresponding centreline average roughness 

measured is about 2.5 micrometres [26, 55]. During operation, the original UHMWPE 

bearing surface is smoothed either by creep or wear, and the surface roughness is 

reduced. However, the roughness of the polished or worn components is still in the 

order of 0.1 micrometer, significantly larger than that ofthe CoCr counterface [26, 55-

57]. 

Previous FEM models have employed a flat stainless steel surface to represent the 

femoral head, and modelled a single (femoral head) asperity in contact with a flat 
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U H M W P E asperity geometry [18, 19]. In this work it is assumed that under idealized 

conditions, the asperities of both contacting surfaces, i.e. UHMWPE and CoCr alloy, 

have the same dimensions. 

The surface topography of both the harder femoral head and the softer acetabular cup 

components is modelled by triangular-shaped asperities, as illustrated in Figure 7. The 

similar roughness of the contacting surfaces allows assuming that full interlocking 

contact between the two asperities occurs. In addition it can be assumed that each 

asperity side-face is in contact with a side-face of the matching asperity, i.e. forming a 

micro-scale asperity contact (as shown in Figure 6). The asperities with heights of 0.08 

micrometres and a base angle of 6 =2° are modelled. The asperity slope, height and 

width were chosen so that failure mechanisms affected by stresses and deformation 

during sliding contact process could be observed. 

A commercially available FEM package, ABAQUS (version 6.3, HKS Inc. U.S.), was 

used to develop the model. For the FEM model of contacting asperities (shown in 

Figure 8) the softer (UHMWPE) cup surface asperity consists of 2295 elements with 

2437 nodes, while the harder (CoCr alloy) femoral head surface asperity consists of 161 

elements with 192 nodes. Both the soft and the hard asperity models were constructed 

with plane strain thermally coupled quadrilateral (four-node) elements. Refinement of 

the mesh for the UHMWPE asperity was made near the contacting surfaces to enhance 

the resolution in the area of interest. 
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3.1.1 Material model 

Mechanical and thermal properties used in the model were obtained from the 

literature, i.e. [13, 34, 58, 59]. Elastic-plastic material behaviour was assumed. The 

stress-strain relationship for UHMWPE used in the FEM model is shown in Figure 8, 

while the material characteristics are listed in Table 1 [58, 59] and Table 2 [13, 58]. The 

values of yield stress, true stress and true strain at break of UHMWPE were set at 19 

MPa, 185 MPa and 1.5 mm/mm, respectively [34]. 

To evaluate the bulk stress and strain distributions under normal contact pressure and 

sliding contact, the von Mises stress field distribution, the equivalent plastic stress 

(strain) variation from the surface to some depth within the softer UHMWPE surface 

layer, the heat (thermal) flux field and the heat flux gradient (discontinuities) 

distribution were examined for a contact sliding speed of 0.2 m/s and maximum contact 

forceof31xlO"6N. 

3.1.2 Loading and boundary conditions 

The load on the asperities varies greatly depending on the roughness of the 

contacting surfaces. It has been estimated that the mean contact pressure at micro-

geometry scales (the load divided by the real contact area) can be tens or thousands of 

times greater than the nominal contact pressure [44]. Furthermore, it has been shown 

that changing the applied load does not significantly alter the real contact pressure [44]. 

The contact pressure between the two surfaces is initially established by moving the 

harder femoral head asperity in the vertical direction onto the fixed softer acetabular 

surface along 0.04 pm distance (relative to the position of reference node in the harder 
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CoCr asperity, as shown in Figure 7) to impose the initial load. The CoCr alloy femoral 

head asperity is then moved in the horizontal direction, i.e. sliding along the UHMWPE 

cup asperity, with a speed of 0.2 ms"1. This sliding speed has been used previously by 

Fisher at al. [22] to characterise friction in explanted Charnley hip prostheses. The 

horizontal sliding results in a high contact stress at the asperities, causing the softer 

asperity to change its mechanical behaviour from elastic, through elastic-plastic to fully 

plastic. The horizontal displacement used in the simulations was chosen to ensure that 

the harder sliding asperity (CoCr alloy head) had completely passed over the softer 

fixed asperity (UHMWPE cup). The loading and boundary conditions are chosen such 

that the tangential load intensifies as the sliding distance increases. 
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4. Results and discussion 

4.1 Von Mises stress field 

Contour plots of internal von Mises stress fields for friction coefficients, of 0.07 

and 0.2, used in the analysis are shown in Figure 9a-b. Because the contact asperities in 

the model were arranged in an interlocking position, when the harder asperity slides 

along the softer fixed asperity, the contact pressures calculated at the surface and 

subsurface ofthe softer asperity increase with sliding distance. 

Significant differences in the values and field distributions of the von Mises stress, 

generated for the friction coefficients of 0.07 and 0.2 were observed (Figure 9a-b). Peak 

values ofthe von Mises stress for the higher friction coefficient are located closer to the 

asperity surface than that for the lower friction coefficient. The variation in the von 

Mises stress with depth below the interface for the UHMWPE acetabular cup and the 

CoCr alloy femoral head surface asperities is due to the combined normal pressure and 

tangential stress [60]. Variations of the von Mises stress or equivalent plastic strain 

against the depth from the softer asperity surface, for different sliding distances, are 

shown in Figure 10. 

The geometrical position ofthe von Mises stress peak, shown in Figures 11 and 12, 

changes with the increase in the sliding distance and with the coefficient of friction. The 

calculated magnitude of the von Mises stresses is plotted against the depth measured 

from the surface of the softer UHMWPE asperity. The values of the von Mises stress 

vary with the depth (in a non-linear manner) for both friction coefficients. The stresses 

increase with the increasing sliding distance reaching the peak values at the asperity 

summit. The values of the von Mises stress increase with depth with the increase in 
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sliding contact pressure. A s can seen in Figure 11, for the friction coefficient of 0.07, 

the maximum values ofthe von Mises stresses are accumulated at depths ranging from 

about 0.1 to 0.35pm below the surface. For the friction coefficient of 0.2 (Figure 12), 

the peak von Mises stresses are situated closer to the surface at depths from 0 to about 

0.05pm. It needs to be mentioned that the minimum mesh size used in this model 

limits the precision ofthe location ofthe peak stress site. 

Irrespectively of sliding distance, the maximum von Mises stress values under higher 

friction coefficient of p =0.2 are closer to the surface than that of the lower friction 

coefficient (p=0.01), as shown in Figure 11 and 12. It was found in the earlier study 

that even with low coefficient of friction stresses and strains caused by the sliding 

contact are still generated at some depth below the surface and that the highest value of 

the von Mises stress generally increases with both applied load and sliding distance 

[20]. It was expected that peak stress is controlled by the plastic behaviour of the 

materials through the applied loads and friction coefficients. Results obtained show that 

the peak stress generated at some depth below the softer asperity surface exceeds the 

UHMWPE yield point of 19 MPa [34], as shown in Figure 11. It seems that during 

sliding contact, the material can accumulate enough strain that would eventually lead to 

its failure [61]. 

4.1.1 Equivalent plastic strain field 

The 2D FEM model developed was also used to examine the internal equivalent 

plastic strain field ofthe deformed softer (UHMWPE) asperity generated during contact 

under two different friction coefficients of 0.07 and 0.2. 
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For the friction coefficient of 0.07 a m a x i m u m equivalent plastic strain of 0.33 is 

accumulated when the surface of the harder CoCr asperity has passed over the softer 

UHMWPE asperity. A typical equivalent plastic strain is shown in Figure 13a (in 

ABAQUS output the equivalent plastic strain it is abbreviated as PEEQ). The calculated 

equivalent plastic strain is plotted against the distance from the asperity surface for 

varying sliding distances (Figure 14). It can be seen that the strain varies with depth in a 

nonlinear manner. The maximum values of the equivalent plastic strain are located at 

some depth, i.e. about 0.005 and 0.025// m, below the surface. It is estimated that these 

values represent the depth beneath the surface where the cracks may propagate or 

exemplify the thickness of the detached material from the UHMWPE surface layer. It 

has been found that the typical thickness of the UHMWPE lamellae formed is in the 

range from 10-50 nanometres in thickness and several micrometres in length [42]. The 

predicted particle thickness of 5 nanometres is out ofthe lowest band of typical thickness 

suggested in the literature, and this discrepancy is believed mainly to be due to the 

simplification of many ofthe model parameters. Additionally, as shown in Figure 14, 

after reaching a maximum value, the strain decreases with depth below the surface. The 

geometric position of the maximum equivalent plastic strain magnitude shifts as the 

harder asperity slides over the softer asperity. It can also be seen from Figure 14 that the 

magnitude of the equivalent plastic strain in the softer asperity increases significantly 

during the initial stages of sliding. The maximum equivalent plastic strain becomes 

nearly constant when the harder asperity reaches a sliding distance of about 2 pm. 

For the friction coefficient of 0.2 the calculated equivalent plastic strain, plotted against 

depth, for different sliding distances from 0 to 3.5 p m, is shown in Figure 15. It can be 

seen that the deformation and the strain field vary with depth in a non-linear fashion. 

For every sliding distance studied, the maximum value ofthe equivalent plastic strain is 
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located near the surface and then decreases to zero with increasing depth in the softer 

body. The comparison of Figures 14 and 15 shows that the thickness ofthe deformed 

layer is influenced by both the value of friction coefficient and the frictional contact 

pressure [21]. The results obtained during this study confirm that, the higher the friction 

coefficient is used, the thicker is the deformed surface layer ofthe softer asperity [23]. 

4.1.2 Heat flux vector 

The direction and magnitude of the heat flux vector changes with geometric 

position and with changes in sliding distance. The magnitude of the heat flux vector is 

inversely proportional to distance from the contact surface of the UHMWPE asperity. 

The heat flux vectors, shown in Figure 16, represent the UHMWPE thermal response to 

the normal stress at the asperity surface prior to the sliding. It can be seen from Figure 

16 that the directions ofthe heat flux vectors diverge near the contact region (localized 

stress) but are nearly parallel at large distances from the contact region position. The 

density of the heat flux, identified as the number of heat flux vectors generated in the 

subsurface layer ofthe UHMWPE, increases significantly as sliding progresses (Figures 

17a-d and 18), as does the size ofthe heated region and the number of heat flux vectors 

with diverging axes. 
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4.1.3 Heat flux field 

The thermal behaviour of UHMWPE under sliding with friction reveals that the 

highest flux energy is released at the point of contact between the surfaces. A typical 

heat flux distribution using a friction coefficient of 0.07 and sliding speed of 0.2 ms"1 is 

shown in Figure 19a-d. It was observed that the heat flux changes as the sliding distance 

increases and for all observed sliding distances, the highest values ofthe heat flux field 

were located along the surface of contacting regions. Similar locations ofthe maximum 

heat flux values distribution were also found along the surface of the contacting region 

for a friction coefficient of 0.2. 

4.1.4 Heat flux discontinuity 

Apart from the heat flux magnitude distributions, heat flux gradients (contour of 

the heat flux discontinuities) for the friction coefficients of 0.07 and 0.2 with a sliding 

speed of 0.2 ms"1 were also examined. For the friction coefficient of 0.07, it is found 

that as the CoCr alloy femoral head asperity slides along the (UHMWPE) cup surface, 

the geometrical position of the peak flux discontinuity moves from r,(a) and r2
a) to 

r/e) and r2^ (Figure 20a and 20e). In addition, as sliding progresses, another heat flux 

discontinuity distribution starts to develop, i.e. ^(see Figure 20d). This new 

discontinuity or anomaly in the heat flux is observed when the harder asperity reaches a 

sliding distance of about I.Op m, after which the heat flux discontinuity moves to the 

same geometric position, as shown in Figure 20e, where both r/e) and r2 move. Similar 

calculations were performed for the friction coefficient of 0.2. A typical heat flux 

gradient (discontinuities) contour plot and the failure propagation paths predicted for 
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sliding speed of 0.2 ms"1 and a friction coefficient of 0.2 are shown in Figures 21 and 

22b respectively. 

4.2 Crack propagation paths 

In this section the prediction of crack trajectories, on the basis of the 

accumulation of high heat flux discontinuities and the heat flux distribution, is made. 

Examination of the heat vector direction (orthogonal to the isothermal line), in the 

regions with high heat flux discontinuity accumulation, seems to be a useful approach 

in tracking material failure (crack) propagation paths in the UHMWPE - CoCr alloy 

model contact. The prediction of crack propagation paths from the developed model 

was carried out taking into consideration the response of UHMWPE to stress and strain 

field distributions as well as the heat flux generation within the micro-geometric scale 

contact. 

4.2.1 Geometric locations of failure 

Surface and internal von Mises equivalent stresses, equivalent plastic strain and 

heat flux fields were examined to predict the locations of yielding regions within the 

softer (UHMWPE) asperity during sliding contact. In previous work [20], estimation of 

material failure regions and crack trajectory development within the UHMWPE asperity 

were performed by examining the strain gradient (discontinuities) accumulation using a 

conventional FEM. In this study the material response is determined by examining the 

heat flux fields generated (magnitude and vector). The magnitudes of the heat flux 

fields and the heat flux vector orientations are then used to estimate the crack 

propagation path. 
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4.2.2 Tracking the material failure propagation path 

Results obtained from a FE methodology using a finite element mesh with 

embedded discontinuities (Oliver and Huespe [48]), suggest that only a single failure 

surface (crack propagation path) is allowed to cross inside a single material element. It 

was found that the existence of another (secondary or spurious) failure surface crossing 

one ofthe primary failure surfaces can lead to numerical locking and divergence [48]. 

In this work, both material yielding regions and material failure trajectories are 

estimated under a fully conventional FEM - through the examination of the von Mises 

equivalent stress, the equivalent plastic strain, the heat flux field, and the heat flux 

gradient (discontinuities) distributions. 

It has been found that during sliding contact between a hard CoCr alloy and soft 

UHMWPE asperities maximum values of the heat flux field in the softer asperity are 

distributed along the surface and the surrounding contact region (Figure 19a-d). 

Goryacheva and Dobychin [16] suggested that failure generated under sliding contact 

can occur due to either a single high internal stress or repeated stress at contact points. 

It was found that the failure position is usually located near the contact region, which is 

characterised by high normal and tangential stresses [44]. In a recent work using the 

strain discontinuities approach, it has been shown that the accumulation of high strain 

gradient (equivalent plastic strain discontinuities) is also located along the line near to 

the softer asperity surface [20]. Based on this result it has been predicted that the 

material would fail along the path of accumulated high strain discontinuities. The 

position of the accumulated strain discontinuities below the surface could be used to 

predict the shape and size ofthe wear particles detached during the sliding contact [20]. 
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Estimated crack propagation paths described in this work are used to assess the shape 

and size of the UHMWPE wear particles. It needs to be mentioned, however, that the 

assumptions used in the model developed limit the accuracy of geometry of contacting 

asperities and the predicted shape of wear particles. Based on characteristics of the 

thermal gradient (heat flux) as well as its discontinuity distribution, during the loaded 

sliding contact, tracking for material failure propagation can be performed. Assuming 

the fatigue failure model, i.e. the generation of asperity damage is a result of an 

accumulation of heat flux discontinuities under cyclic loading conditions. 

During the passage of the harder surface asperity (CoCr alloy) over the softer 

UHMWPE surface asperity (Figure 19a-d), the pattern of maximum heat flux field 

accumulation changes, i.e. the geometric position ofthe peak heat flux moves along the 

surface ofthe UHMWPE asperity with increasing sliding distance. The accumulation of 

maximum heat flux discontinuities, as shown in Figure 20, is distributed within the 

subsurface at a depth close to the surface of the UHMWPE asperity. The simulation 

results show that the UHMWPE asperity starts to yield when the sliding distance ofthe 

harder asperity is approximately 0.15 um for a friction coefficient of 0.07, and 0.10 \xm 

for a friction coefficient of 0.2. 

Crack propagation trajectories for two different friction coefficients of 0.07 and 0.2, 

predicted from the model, are schematically illustrated in Figure 22a-b. Calculation of 

the crack propagation path is based on the path of accumulated high heat flux gradients 

(discontinuities) occurring within the softer asperity subsurface during the sliding, as 

shown in Figure 20a-e. For the friction coefficient of 0.07 and the sliding speed of 0.2 
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ms" , two possible crack propagation paths are possible as shown in Figure 22a, i.e. 

along lines marked "A" and "B". 

Similar calculations have been carried out for the friction coefficient of 0.2. Crack 

propagation trajectories, estimated from the FEM model for the friction coefficient of 

0.2, are illustrated in Figure 22b. It can be seen from this figure that the distribution of 

accumulated high gradients ofthe heat flux for both friction coefficients of 0.07 and 0.2 

are similar. However, the path ofthe accumulated heat flux gradient runs deeper below 

the surface, between the regions marked "Q" and "R" (along the surface), for the 

higher friction coefficient (0.2) than that for the lower friction coefficient (0.07). 

Overall, the results obtained using the model with the two different friction coefficients 

show a significant influence of the friction coefficient on the generation of either a 

maximum value of the heat flux within the softer asperity or the distribution of 

accumulated gradient discontinuities. 

4.3 Predicting the UHMWPE wear particle formation 

In the model presented, the formation of wear particles is assumed to result from 

cracks development and their propagation. In a FE model of sliding wear, Blake [62] 

suggested that wear is a continuous process and the softer surface asperity is more 

severely deformed at the layer near the contacting surface than farther away from the 

contacting surface. In this work, the model of contacting asperities implies a simple 

wear mechanisms in a softer bearing surface and helps to determine the characteristics 

of the wear particles generated, i.e. their size and shape. The formation mechanisms of 

wear particles originating from the UHMWPE cup surface, based on the predicted 

directions of propagating cracks, is schematically illustrated in Figure 22a. A friction 

coefficient of 0.07 and a delamination wear mechanisms are assumed. Possible path of 
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U H M W P E wear particle formation, marked as line "A" in Figure 22, follows the 

predicted crack trajectory. For a higher friction coefficient, of 0.2, the possible paths for 

wear particle detachment are shown in Figure 22b and marked as "5" lines. 
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5. Conclusions 

From the study conducted the following conclusions can be drawn: 

• A 2D FEM model of asperity contact between the UHMWPE acetabular cup 

and the CoCr alloy femoral head of a THR has been developed; 

• The highest value of the von Mises stress changes its geometric position as the 

harder asperity moves over the softer one; 

• The peak von Mises stress for a friction coefficient of 0.07 is broader than that 

for a friction coefficient of 0.2, however, the maximum value of the von Mises 

stress for a friction coefficient of 0.07 is much lower than that for the friction 

coefficient of 0.2; 

• The highest values of the equivalent plastic strain for both friction coefficients 

of 0.07 and 0.2 accumulate in regions along a line parallel to the surface and at a 

distance ofthe order of micrometers from the surface; 

• The direction ofthe heat flux vectors near the contact region is divergent and the 

vectors become uniform (parallel) as the distance from the contact region is 

increased; 

• The generated heat flux (magnitude and vector) fields in the softer UHMWPE 

asperity have been examined with aim to predict regions experiencing plastic 

deformation. The characteristics of vector direction of the heat flux developed 

during sliding contact have been used to determine the propagation direction of 

cracks; 

• Material failure propagation paths have been predicted by examining the 

distribution of accumulated heat flux discontinuities in the softer asperity during 

sliding contact; 
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• The proposed asperity contact model allows studying the material mechanical 

and thermal responses under loaded sliding contacts and helps to examine the 

wear mechanisms involved in wear particles generation. 
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Table 1: Mechanical characteristics of materials used in the finite element analysis 
[58, 59] 

Material 

U H M P E (cup) [59] 
C o C r M o (head) [58] 

Properties 
Elastic modulus 

(GPa) 
1.0 

208.0 

Poisson ratio 

0.40 
0.30 

Density 
(kg/m3) 
950 
7800 

Table 2: Thermal characteristics of materials used in the finite element analysis [13, 
58] 

Material 

U H M W P E (cup) [13] 
C o C r M o (head) [13] 

Properties 

Conductivity 
(J/m.s °C) 

0.5 
13.0 

Specific 
Heat 

(J/kg °C) 
2100 
452 

Expansion 
coefficient 

(1/°C) 
13.5 x 10"' 
5.8 xlO"6 
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Figure 1: Fracture function F\px,o~2;pi) and fracture path trajectory passing through F= 0.6 

(Adapted from [45]). 

Figure 2: Tracking the crack propagation path through the heat flux field [48]. 



X-load 1 
Heat flux vector 

X-load 1 

Heat flux X-load 1 Heat flux 
magnitude field < \ discontinuities 

T1 T2 T3 T4 T 

(b) 
X-load 2 X-/oatf3 X-load 3 

T, ̂  1*3 

Heatflux I (e) 
discontinuities 

Heatflux -^ ^ 
discontinuities track 

Figure 3: Schematic illustration showing the prediction ofthe heat flux discontinuities track. 

Vector direction ofthe heat flux, q 

q = -KVT ̂ => v-q=-KVT 
Figure 4: Relationships between heat flux vector, its gradient and the temperature fields 

(isothermal lines). 

244 



(np-nd)S(r-rj) 

Figure 5: Schematic illustration of the heat flux discontinuities concept; (a) heat flux field, (b) heat 
flux gradient field, (c) cross-section of temperature field, (d) cross-section of temperature 
gradient field (with discontinuities), (e) magnitude of heat flux discontinuities. 

Figure 6: Schematic illustration of the contacting asperities in total hip joint replacement model 
(the scale does not represent the correct ratio of vertical to horizontal dimension). 
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Figure 9: Internal von Mises equivalent stress field for friction coefficients of (a) 0.07 and (b) 0.2, 

and sliding contact speed of 0.2 ms'1 
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during sliding contact with the harder CoCr alloy asperity. 
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Figure 13: Internal equivalent plastic strain field for friction coefficients of (a) 0.07 and (b) 0.2, 
and sliding speed of 0.2 ms"1 

250 



o 
(A 
JS 
CL 
C 

> 

2. = 
cr-S LU £> 

<*-
0 
fl) 

TO 
tl 
> 
< 

1 

0.9 
0.8 

0.7 

0.6 

0.5 

0.4 

0.3 

0.2 

0.1 

0 
0.2 0.4 0.6 0.8 

Distance from the Surface (jum) 

Figure 14: Variation ofthe equivalent plastic strain versus the distance from the asperity surface 
for a friction coefficient of 0.07 and sliding speed of 0.2 ms"1 
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Figure 15: Variation of the equivalent plastic strain versus the depth from the asperity surface 
with different sliding distances, friction coefficient of 0.2, and sliding speed of 0.2 ms"1 
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Figure 16: Typical heat flux vector orientation in the U H M W P E subsurface at sliding distance of 
1.0 pm with sliding speed of 0.2 ms"1 and friction coefficient of 0.07 
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Figure 17: Typical heat flux vector orientation in the U H M W P E subsurface with sliding speed of 
0.2 ms"1 and friction coefficient of 0.07: (a) the heat flux vector orientations at sliding 
distances of 0.1 p.m; (b) sliding distance of 0.2 p.m; (c) sliding distance of 1.0 p . m (d) 

sliding distance 1.5 p.m. 
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Figure 18: Typical propagation vector field and isocontour of the heat flux at for friction coefficient of 
0.07 and sliding speed of 0.2 ms"1. 
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Figure 19: Heat flux magnitude distribution generated under a friction coefficient of 0.07 at sliding 
distance of (a) 0.1 pm, (b) 0.3 pm, (c)1.0 pm and (d)1.3 pm, and sliding speed of 0.2 

m.s 
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Figure 20: The heat flux discontinuities distribution generated for a friction coefficient of 0.07 and 

sliding speed of 0.2 m.s" 



1 

HFL, Magnitude 
(Discontinuities) 

+8.05 7 e-02 
+6.714e-02 
+5.371 e-02 
+4.028 e-02 
+2.686 e-02 
+1.343 e-02 
+0.000e+00 

Sliding direction ofthe femoral head's. 
asperity I I 

XSliding distance: 1.50) 

—X : TT \ ABWJtri^fob ircatet on 2P-JaD-i 
\ | \ \OEB^f^.Q«02JL«ib 

Figure 21: The heat flux magnitude distribution generated for a friction coefficient of 0.2 and 
sliding speed of 0.2 ms"1 
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Figure 22: Schematic illustration of U H M W P E failure paths predicted from the model of asperity 
contact 
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